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Abstract

Advanced high strength steels (AHSS) are advantageous for automotive applications due to their
excellent strength and ductility. However, when coated with zinc for corrosion protection, these steels are
susceptible to liquid metal embrittlement (LME) during welding. In this work, a new metric was
developed to quantify LME severity and this metric was used to study the influence of multiple pulse

weld schedules on LME cracking in resistance spot welds.

Several conflicting reports have been released about the effect of LME on mechanical
performance of resistance spot welds. In this work, a new method of LME crack quantification called a
“Crack Index” was developed to link LME crack distributions in resistance spot welds to weld
performance. The crack index is calculated by multiplying the lognormal median crack length by the
number of cracks per weld and dividing by the sheet thickness. Because studies have established both
crack size and location as vital factors affecting weld strength, both of these factors must be taken into
account when characterizing LME severity. Lognormal median crack length is used as the parameter for
crack size because the crack lengths measured in LME affected welds were observed to fit a lognormal
distribution. Number of cracks is used to account for the probability that a crack may be found in a critical
location and sheet thickness is used as a normalization factor. The crack index has a linear relationship
with weld strength loss.

The crack index analysis method was used to study the influence of multiple pulse welding
schedules on LME severity. Pulsing was applied using two different methodologies: pulsing during the
welding current to manage heat generation and a pre-pulse before the welding current to remove the zinc
coating. All welds made using a double-pulse welding schedule exhibited less severe LME cracking than
those made with a single pulse schedule with a similar nugget diameter. A double-pulse schedule with
two equal length pulses showed the least severe LME cracking and a schedule consisting of a short pulse
followed by a long pulse resulted in the most severe LME. This is due to both a difference in the amount
of free zinc available for LME and the different thermal and stress profiles of the pulsing conditions. The
majority of pre-pulse welding schedules caused an increase in LME cracking due to the additional heat
introduced into the weld. However, a 4 kA pre-pulse (low current), applied for 3 cy (low time) was able to
reduce LME cracking in TRIP1100, a LME crack susceptible alloy, by almost 30%. The 4 kA, 3 cy pre-
pulse reduced the amount of free zinc for LME, without introducing too much additional heat into the

weld.
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Chapter 1

Introduction

1.1 Background

Global automobile ownership has increased substantially in recent years, with the number of
vehicles on the road nearly doubling from 670 million in 1996 to 1.32 billion at the end of 2016 [1]. This
growth presents many challenges in terms of environmental sustainability. The Intergovernmental Panel
on Climate Change warns that to limit global warming to less than 2°C, greenhouse gas emissions must
be reduced by at least 40% between 2010 and 2050, and emissions levels near zero must be achieved by
2100 [2]. Greenhouse gas emissions have already caused catastrophic damage to the environment; global
temperatures have risen, ocean acidity has increased, arctic sea ice mass has decreased, and sea levels
have risen [2]. Without significant action, warming will continue and long-lasting changes in the climate
will increase the likelihood of severe, pervasive, and irreversible impacts for people and ecosystems [2,3].
The transport sector is of particular importance for climate change reduction efforts [2,4]. According to
the U.S. Department of Energy, transportation accounted for approximately 28% of energy consumption
and 71% of petroleum usage in the United States in 2010 [5]. 80% of transportation energy is consumed
by highway vehicles, including cars, trucks, and buses, while the remainder is used by non-highway

vehicles, including military vehicles and air, water, and rail travel [5].

Since the invention of the internal combustion engine, great strides have been made in improving
its efficiency. For instance, a small-block engine in a 1955 Chevrolet produced up to 195 hp at a
volumetric efficiency of 45 hp/L, while a small-block engine today can produce up to 400 hp at an
efficiency of approximately 70 hp/L [6]. Unfortunately, the greatest energy loss is from the combustion
process itself, resulting in a maximum thermal efficiency of approximately 30% for gasoline powered
engines [6]. Thus, researchers have turned to vehicle mass reduction as a potential avenue to reduce
vehicle fuel consumption and greenhouse gas emissions [4-6]. In a mid-sized family vehicle with a
weight of approximately 1450 kg, a 10% reduction in weight may improve fuel economy by 6% [6]. One

method being explored to reduce vehicle weight is replacing traditional steel with lightweight materials.

Advanced high strength steels (AHSS) are an excellent candidate to replace conventional steel in

automotive body manufacturing. Their high strength and ductility allows components to be made of
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thinner sheets to reduce vehicle weight [7]. AHSS also offer engineers an increased degree of flexibility,
as the strength and stiffness are highly customizable for different applications [7]. However, there are also
significant challenges associated with the use of AHSS, such as increased complexity in manufacturing

and difficulties with joining [8]. These steels are often coated with zinc for corrosion protection.

A common method of joining AHSS in automotive manufacturing is resistance spot welding
(RSW), a welding process where an electrical current is passed through the sheets of metal to be joined
and Joule heating causes melting at the interface [9]. The steel surface in contact with the water-cooled
electrodes remain solid during welding, while the zinc coating melts. This molten zinc may penetrate into
the grain boundaries of the solid steel in a process known as liquid metal embrittlement (LME) [10-13].
LME weakens the grain boundaries, nucleating surface cracks, which can propagate as stresses from
welding cause the cracks to open up [10,14,15]. This is a safety concern, as in several recent studies,
LME cracks were shown to reduce mechanical performance of RSW joined AHSS [16-18].

1.2 Objectives

The objective of this thesis is to investigate the occurrence of LME during RSW of AHSS with a
particular emphasis on reducing LME cracking. The specific objectives are as follows:

1. Reduce severity of LME cracking in RSW of AHSS by altering the welding schedule.

2. Correlate LME severity with mechanical performance of RSW joints.

1.3 Criteria and Constraints

RSW parameters were selected using AWS D8.9 as a guide [19]. Details of the standard welding
schedule and the modifications made to reduce LME may be found in Chapter 3. Mechanical performance
of the welds was assessed using tensile lap shear testing. The mechanical testing methods and other
characterization methods are also detailed in Chapter 3. This thesis work is limited to the investigation of
LME in RSW of four grades of AHSS (DP980, TRIP690, TRIP1100, and TRIP1200) due to availability

of material and interest from industry.

1.4 Thesis Outline

This thesis has been organized into seven chapters, which are detailed in the following paragraphs.

Chapter 1 gives an introduction to the thesis, including background, objectives, and constraints of the
thesis work.



Chapter 2 summarizes published literature on topics relevant to the thesis: AHSS, RSW, and LME. It

also demonstrates gaps in the literature that the thesis work is intended to fill.

Chapter 3 details the materials, welding procedures, and characterization methods used in the

experimental work.

Chapter 4 describes the effect of using a pulsed welding schedule on the occurrence of LME in RSW
using methods of LME quantification found in literature. It concludes that these commonly used methods
of LME quantification are not sufficient to describe LME severity.

Chapter 5 explores alternative methods of quantifying LME and their relationship to weld
performance. It concludes with the development of the crack index to link LME cracking to loss in tensile
lap shear strength.

Chapter 6 re-analyzes the pulsed welding schedule data from Chapter 4 using the crack index analysis
method. It also explores the mechanisms behind the observed effects.

Chapter 7 summarizes the main findings of this work and proposes avenues for future study.



Chapter 2

Literature Review

2.1 Advanced High Strength Steel (AHSS)

Advanced high strength steels (AHSS) are a family of steels with unique microstructures, which
use complex deformation and phase transformation processes to achieve very high strength. Previously,
steels with an ultimate tensile strength (UTS) greater than 550 MPa were categorized as AHSS. However,
AHSS are now considered to be steel grades containing significant alloying and multiple phases [20].
Different types of AHSS can achieve different combinations of strength and ductility, as demonstrated in
Figure 2.1. The AHSS studied in this thesis are dual phase (DP) and transformation induced plasticity
(TRIP) steels, due to interest from industry. The characteristics of DP and TRIP steels will be discussed in
Sections 2.1.1 and 2.1.2.
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Figure 2.1 Steel strength-ductility diagram illustrating the range of properties available from AHSS
[20].

Passenger vehicles are comprised of two distinct regions with different safety requirements
(Figure 2.2). The front and rear ends of the vehicle, or “crumple zones,” are designed to absorb as much
energy as possible to cushion the impact and preserve the structure of the passenger compartment in the
event of a front or rear end collision. DP and TRIP steels are ideal for this application as they exhibit high
work hardening, strength, and ductility [8,20-22]. The second region is the passenger compartment,

which is enclosed in a rigid “safety cage” designed to resist any deformation or intrusion that may
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impinge on the space around the passengers. Complex-phase, martensitic, and hot-formed steels (nhot
discussed in this thesis) are used for this application because they exhibit very high yield strengths [8,20—
22].

RSN Crumple Zone

Figure 2.2 Two distinct regions of the automotive structure [21].

2.1.1 Dual Phase (DP) Steel

DP steel is composed of a ferrite matrix with 10 — 40% of martensite or martensite-austenite
islands (Figure 2.3) [7,20]. Ferrite is a ductile phase of steel, composed of a solid solution of carbon in
body centered cubic iron [23]. Martensite is a supersaturated solution of carbon in iron; the very high
carbon content distorts the lattice, resulting in a microstructure that is strong but brittle [23]. In DP steel,
the martensite islands give high strength while the continuous ferrite matrix gives the steel ductility. DP
steels are produced by inter-critical annealing to produce a partially austenitic microstructure, followed by
guenching to transform the austenite to martensite [7,20]. They typically have a UTS of 500 — 1200 MPa
and a high initial work hardening rate [7,20]. DP steels exhibit greater elongation than conventional high
strength-low alloy (HSLA) steel with a comparable UTS [20]. DP steels may also be strengthened by
bake hardening [7,20].



Figure 2.3 Schematic of DP steel microstructure [20].

2.1.2 Transformation Induced Plasticity (TRIP) Steel

TRIP steels contain a matrix of ferrite, with hard phases of martensite and bainite present in
varying amounts and at least 5 vol% of retained austenite (Figure 2.4) [20]. Similar to DP steels, the hard
phases dispersed in the ferrite matrix create a high initial work hardening rate. In TRIP steels the retained
austenite transforms into martensite with strain, increasing the work hardening rate at higher strain as well
[7,20]. This results in a higher ductility for TRIP steels than for DP steels with approximately the same
UTS. TRIP steel is produced by a slow cooling from the austenite region to an intermediate temperature
above room temperature, producing a partially ferritic microstructure. This is followed by an isothermal
hold to produce bainite and then it is quenched to room temperature [7,20]. After quenching, some
austenite remains untransformed because of the high concentrations of austenite stabilizers (carbon,

manganese), while the remainder is transformed to martensite [7,20].

Figure 2.4 Schematic of TRIP steel microstructure [20].



2.2 Zinc Coatings

AHSS used in automotive manufacturing are typically coated with zinc to protect against corrosion.

Zinc coatings protect the steel in two ways [24]:
1. Barrier protection — The coating physically separates the steel from the corrosive environment.

2. Galvanic protection — Zinc is anodic to iron and will sacrificially corrode, even if damage to the

coating exposes the steel.

The zinc coatings commonly used in the automotive industry may be divided into two categories: hot-

dipped and electrogalvanized [20].

2.2.1 Hot-Dip Galvanization

In hot-dip galvanization, the steel sheet is passed through a molten zinc bath. The steel sheet is
pre-heated to the approximate temperature of the zinc bath to facilitate adhesion. After dipping, the excess
zinc is removed from the surface with air knives to obtain the desired coating thickness [20,24,25]. 0.005
— 0.02 wt% of aluminum is added to the zinc bath to improve the appearance of the coating [24]. This

type of coating is referred to as hot-dip galvanized (HDGI or GI) coating.

Following hot-dip galvanization, the coating may be annealed at a temperature of 450 — 600°C
[24,26]. This allows iron to diffuse into the zinc coating, creating an iron-zinc alloy, typically with an iron
content of 8 — 12% [20,24-26]. This type of coating is referred to as hot-dip galvannealed (HDGA or
GA).

2.2.2 Electrogalvanization

The other commonly used method for applying the zinc coating is electrogalvanization. In this
method, zinc is electroplated onto the steel substrate [20,24]. Pure zinc coatings can be produced, which
are thinner, more aesthetically appealing, and require lower processing temperatures [20]. These coatings

are referred to as electrogalvanized (EG) coatings.

2.3 Resistance Spot Welding (RSW)

Resistance spot welding (RSW) is a fusion welding process in which the material is melted by
resistive heating generated by passing an electrical current through the workpiece [9,21,27,28]. A typical

automobile contains 3000 — 6000 spot welds, making RSW the most widely used joining technique in the



automotive industry [29,30]. The features of RSW which make it ideal for automotive manufacturing

include its low cost, high operating speeds, and suitability for automation [21,28].

2.3.1 RSW Fundamentals

The RSW process consists of five steps, which are illustrated in Figure 2.5 [31]:
1. Workpiece is clamped between the electrodes.
2. The full electrode force is applied to the workpiece.
3. Electrical current is applied for a specified time, causing melting at the sheet-sheet interface.

4. The current is stopped and the workpiece is held under the electrode force to allow molten metal

to solidify. The length of time for which the workpiece is held is known as the holding time.

5. Electrode force is released.

& v s

Electrode
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Figure 2.5 Steps of the resistance spot welding process.
The heat generated by Joule heating is given by the equation
Q= IZthur (2.1)

where Q is the heat generated, | is the applied current, R is the total resistance across the electrodes, and
taur is the duration of the applied current [9]. The total resistance R is composed of seven individual

resistances that exist in the circuit (Figure 2.6). Re is the bulk resistance of the electrodes, Rw is the bulk
resistance of the sheets, Rew is the electrode-sheet contact resistance, and Rc is the sheet-sheet contact

resistance [30]. Because these resistances are in series, they can simply be summed to calculate R. Rc is
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generally the highest of the resistances, resulting in the majority of the heat generated during the welding

process being concentrated at the sheet-sheet interface [31].

\_J
2

Re .

Figure 2.6 Schematic of the resistances present in RSW [30].

During RSW, the resistance continuously changes as the material is heated and melted. From the

dynamic resistance curve (Figure 2.7), the stages of spot weld formation can be described as follows [32]:

1. Surface breakdown — The initial contact resistance is very high due to the presence of surface
films, oxide layers, or other contaminants. When the current begins to flow, the heat generated

will cause a breakdown of these contaminants, which is observed as a drop in resistance.

2. Asperity softening — Metal-to-metal contact now exists but the effective contact area is low due to
surface roughness (asperities). As the metal heats, these asperities will soften, increasing the

contact area and decreasing the resistance further.

3. Temperature increase — In this stage, the bulk resistance of the metal dominates the total
resistance. As resistivity increases with increasing temperature, an upward slope is seen in the

dynamic resistance curve.

4. First melting — Melting begins at the interface of the two sheets. The resistivity of the bulk metal
continues to increase, while the melting at the interface causes a decrease in sheet-sheet contact

resistance (due to the increased contact area). As the temperature stabilizes and nugget growth
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begins to dominate the resistance, the resistance begins to decrease. This point of the curve is

known as the  peak.

5. Nugget growth — The nugget continues to grow, further decreasing the resistance. Softening of
the metal due to the increased temperature causes the electrode to push into the metal and create
an indentation (mechanical collapse). This reduces the sheet thickness (current path) and
contributes to the decrease in resistance. If the nugget grows enough that it cannot be contained
by the surrounding solid metal, expulsion (ejection of droplets of molten metal) may occur. This
causes a decrease in sheet thickness and introduces many new current pathways, resulting in a

sharp drop in resistance.

N

Resistance

Time

Figure 2.7 Theoretical dynamic resistance during RSW.

The sheet-sheet contact resistance is highly dependent on the surface condition of the sheets being
welded. This is demonstrated by the first two stages of RSW (surface breakdown and asperity softening).
In addition to surface contaminants and oxides, coatings deliberately applied to the material will also have
an impact on contact resistance and weldability. As previously stated, AHSS used in automotive
manufacturing are typically zinc coated for corrosion protection. During welding of hot-dip galvanized
steel sheets, the zinc coating melts first, reducing the contact resistance at the sheet-sheet interface. As a
result, welding of hot-dip galvanized steel requires a higher current than welding of bare steel [9,28].
However, galvannealed coatings have a higher resistivity than the free zinc in galvanized coatings,

meaning that more heat is generated from the coating and the effect on weldability is less pronounced [9].
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2.3.2 Welding Parameters

RSW is a highly customizable process with many parameters that may be altered by the operator,
such as current, welding time, electrode force, hold time, and electrode tip diameter. The most important
parameters are current, welding time, and electrode force, as these three parameters have a direct effect on
the nugget size [21,30]. Recall from Equation 2.1 that heat input depends on current, welding time, and
resistance. Increasing heat input by increasing the current or welding time results in a larger nugget
diameter [21,28,30]. Electrode force also has an effect on heat input because the metal sheets must be
pressed together to allow current to flow. A larger electrode force reduces the sheet-sheet contact
resistance by increasing the effective contact area, causing a decrease in heat input and nugget diameter
[21,27,30].

Weld lobe curves, such as the one shown in Figure 2.8, show the welding process window and are
often used to select the welding parameters for a particular material. On the left side of the lobe are
combinations of current and welding time which yield undersized welds. Undersized welds are not
acceptable because nugget diameter affects the weld strength and fracture mode of the weld [21,33]. A
small nugget corresponds to smaller shear and cross tension strengths. AWS D8.9 defines the minimum
weld size (MWS) as

MWS = 4/t (2.2)

where t is the sheet thickness [19]. When welding dissimilar materials with different sheet thickness,
average sheet thickness is used. On the right side of the weld lobe are parameters with which expulsion
occurs. Expulsion is typically not acceptable because it may cause defects, such as excessive electrode
indentation, voids, and porosity, which are detrimental to weld mechanical performance [34,35]. Welding
in the center of the weld lobe is desirable to produce welds of acceptable size, without expulsion defects.
The location and width of the weld lobe are dependent on the material characteristics of the sheets being
joined, such as bulk resistivity, sheet thickness, and surface condition [28]. A wider weld lobe is desirable
because it indicates that a larger range of parameters can be used to make acceptable welds. This means
the process has a higher degree of tolerance to variations in production conditions, such as surface

conditions, fit-up between the sheets, and electrode tip quality, which influence nugget size [28].
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Figure 2.8 Weld lob curve for RSW [28].

In addition to current, time, and electrode force, there are a number of other important parameters
that do not affect heat input but still have an impact on weld quality. For instance, holding time does not
affect the heat generated or the nugget diameter [36,37]. However, longer holding times have been shown
to reduce shrinkage voids and increase fusion zone hardness [38,39]. In addition, increasing the electrode
tip diameter will reduce the current density and slow the nugget growth, resulting in a smaller nugget

diameter [28].

2.3.2.1 Pulsed Welding Schedules

The most basic RSW schedule consists of a single pulse with constant current. This type of
welding schedule provides approximately constant heat input throughout the welding time [9]. In some
cases it may be beneficial to apply a multiple pulse welding schedule. There are three different pulsed
welding schedules that are detailed in the literature: pre-pulsing, pulsing during the weld, and post-
pulsing.

Pre-pulsing refers to the application of a shorter current pulse before the main welding pulse. This
method has been used to remove low temperature coatings or surface oxides that may interfere with the

welding process [11,40,41]. The pre-pulse is used to melt the coating and push it out of the weld area,

while the main welding pulse forms the weld nugget.

Pulsing during the weld involves dividing the main welding current into several shorter pulses.

This technique has been shown to slow nugget growth and delay expulsion, which increases weldable
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current range [42,43]. AWS D8.9 recommends this type of welding schedule when welding sheets thicker
than 1.3 mm [19].

Post-pulsing has been used to modify the microstructure and mechanical properties of a weld by
applying a pulse after the main welding pulse [44-48]. The nugget is formed during the first pulse. In the
second pulse, the center of the nugget is re-melted, while the edges are annealed. Using a post-pulse has
been shown to improve mechanical performance of the welds [44-48].

2.4 Liquid Metal Embrittlement (LME)

Liquid metal embrittlement (LME) refers to the reduction in strength and ductility that may occur
when a metal or alloy is stressed in the presence of liquid metal [49]. This occurs due to liquid metal
penetrating into the solid metal grain boundaries, weakening the grain boundaries and causing nucleation
of surface cracks [11,15,50]. In the presence of tensile stresses, these cracks can open up, allowing zinc to
penetrate further into the grain boundary and propagate the crack [15]. No bulk chemical or structural
changes are caused to the solid metal [49].

There are three pre-requisite conditions that must be met for LME to occur: liquid metal
contacting solid metal, tensile stress, and a susceptible solid/liquid metal system [49]. LME has only been
observed for certain pairs of solid/liquid metals. Cusoiia/Biiiquid; Alsolis/Gaiquia, and steelsoiia/ Zniiguia are
examples of such solid/liquid metal pairs [15,50-54]. The steelsoia/Zniiquia System is of particular interest
for this thesis. The liquid metal must also be in direct contact with the solid metal; liquid metal
embrittlement may be delayed or inhibited by the presence of an oxide layer on the surface of the solid
[49]. These conditions are necessary for LME to occur but not sufficient [49]; there are a number of other

factors which also impact the occurrence of LME and will be discussed in the following sections.

2.4.1 Effect of Temperature

LME is a temperature dependent phenomenon and only occurs within a specific temperature
range, known as the “ductility trough” [49]. The onset temperature of LME must be above the melting
temperature of the embrittling agent, but LME may not occur immediately following melting. For
instance, in the steelsoia/Zniiquia System, the melting temperature of zinc is 419°C but LME has been
observed to begin at around 700°C [15,50,55-57]. Beal theorized that at temperatures below 700°C, the
critical stress required for LME cracking is higher than the yield strength (YS) and UTS [57]. This results
in plastic deformation occurring before LME cracks begin to form. As the temperature increases above

700°C, the critical stress for LME cracking decreases to below the YS and UTS, causing LME cracking to
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begin before plastic deformation. However, Beal also noted that the LME onset temperature is highly
dependent on experimental methodology. For instance, the effect of strain rate on the ductility trough will

be discussed in the next section.

The effect of temperature on LME can be seen in Figure 2.9, which shows that at 600°C there
was no difference in the stress-strain curves for a bare and electrogalvanized Fe22Mn0.6C TRIP steel
(Figure 2.9 a)), while at 800°C the EG coated steel showed a significant reduction in both strength and
ductility (Figure 2.9 b)) [55]. The high temperature tensile test was repeated at many different
temperatures to construct the complete ductility trough shown in Figure 2.10. The ductility recovery
above 900°C is attributed to the vaporization of zinc, as its boiling point is 907°C.
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Figure 2.9 Stress-strain curves for Fe22Mn0.6C steel at a) 600°C and b) 800°C [55].
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Figure 2.10 Ductility trough for Fe22Mn0.6C steel [55].
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2.4.2 Effect of Strain Rate

The high temperature tensile tests shown in the previous section may not be an ideal method to
assess LME sensitivity because the strain rate has an impact on LME. In Alsis/Hg-3% Zniiquia and
Tisolio/ Cdiiquia Systems, an increased strain rate was shown to increase the ductility recovery temperature
[58,59]. Similar behaviour has been observed in the steelsiia/Zniiquia System and the reduction of the LME
onset temperature has also been shown [15,50,55]. This widening of the ductility trough is illustrated in
Figure 2.11.
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Figure 2.11 Effect of strain rate on ductility trough for Fe22Mn0.6C steel [15].

2.4.3 Effect of Composition of Liquid Metal

As previously discussed, only specific couples of solid and liquid metals exhibit LME behaviour.
Therefore, it follows that changes to the composition liquid metal will have an impact on the LME
severity. For instance, copper experiences LME when in the presence of some liquid Bi-Pb alloys at
350°C. However, when the Pb content is increased above 30 wt%, the LME severity decreases [60]. This
is demonstrated in Figure 2.12 a), which shows that as the Pb content of the Bi-Pb alloy increases, the
percent elongation and fracture stress of the copper also increase. It has been proposed that changes in
LME severity with changing alloy composition are due to differences in the interfacial energy between
the solid and liquid metal [60]. In the case of Cuseia/Bi-Pbiiquid, s the Pb content increases, the interfacial
energy increases (Figure 2.12 b)), corresponding to the decrease in LME severity [60]. An increase in the
interfacial energy will reduce the degree of wetting between the solid, which will reduce the likelihood of

LME occurring (recall that direct contact between solid and liquid is a necessary condition for LME).
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Figure 2.12 Effect of Bi-Pb alloy composition on a) tensile properties of copper and b) interfacial
energy between copper and Bi-Pb at 350°C [60].

A second way in which alloying may have an impact on LME severity is due to the possibility
that low melting temperature metals may act as inert carriers to bring the embrittling agent in contact with
the solid [49,61]. For instance, it has been shown that pure mercury does not embrittle solid cadmium
[62]; however, a solution of 8% indium in mercury was observed to embrittle cadmium at room
temperature [61]. This suggests that the indium is responsible for the embrittlement, and the mercury
simply was simply the carrier of the embrittling species, allowing LME to occur below the melting
temperature of indium (156.6°C). Similar behaviour has been observed in the steelsoia/ZNiiquia System.
Samples of C70D steel did not demonstrate LME when strained in contact with pure zinc, but

embrittlement was seen when 2% of tin was added to the zinc bath [63].

The three types of zinc coating discussed in Section 2.2 (Gl, GA, EG) have different composition
and therefore should display different patterns of LME cracking. This was confirmed by Ashiri et al, who
observed LME cracking in resistance spot welds of samples of the same TWIP steel with the different
coating types [10,43]. LME was worst in the Gl coated samples, followed by the GA coated samples, then
the EG coated samples. The reduced LME sensitivity of the GA coating is typically attributed to its higher
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melting temperature [10,43]. EG coatings tend to be even less LME sensitive because they are typically

pure zinc; the addition of alloying elements, such as aluminum or tin, may worsen LME cracking [12,63].

2.4.4 Effect of Solid Metal Microstructure

In the steelsoiia/ZNiquia System, it is generally agreed that austenite grain boundaries are more
susceptible to LME than other microstructures. A number of studies have noted that zinc appears to
propagate along austenite grain boundaries to create the microcracks that are characteristic of LME
[57,64-67]. Conversely, Kang et al, observed no LME in zinc-coated IF steel tensile tested in both the
ferrite and austenite stability ranges, leading them to conclude that grain boundary composition is more
critical to LME sensitivity than crystal structure [68]. However, this result does not necessarily conflict
with other studies because the temperature used to test the IF steel in the austenite stability range (950°C)
may have been outside the temperature ductility trough for the particular conditions used in the study. In
addition, LME severity has been observed to increase with increasing strength of the steel [69,70].
However, commercially available steels with different strengths and microstructures also have different

chemical composition, which may impact LME susceptibility as well [69].

2.4.5 Possible Mechanisms

A number of models have been proposed to explain the mechanism by which LME occurs. These
models can be divided into three categories: brittle fracture theory based propagation, plasticity (ductile

fracture) based propagation, and grain boundary diffusion models [69].

The brittle fracture models are based on the idea that liquid metal in the grain boundaries reduces
their surface energy, also reducing the energy required for fracture. The Stoloff-Johnson-Westwood-
Kamdar model posits that liquid metal weakens the atomic bonds at the crack tip, allowing an applied
stress to separate them and propagate the crack [71,72]. The Robertson-Glickman model suggests that
stress at the crack tip acts as the driving force for localized dissolution of the base metal that propagates
the crack [73,74].

The plasticity based propagation models are based on the idea that adsorption of liquid metal
atoms affects the formation and motion of dislocations. In the Lynch model, the liquid reduces the
strength of the interatomic bonds at the crack tip (similar to the Stoloff-Johnson-Westwood-Kamdar
model), facilitating the nucleation of dislocations [75]. Dislocation slip leads to the formation of micro-

voids, which combine with the crack. The Popovich model agrees that adsorbed liquid metal increases
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generation of dislocations and further suggests that increased dislocation activity leads to localized work

hardening and micro-crack formation [76].

The grain boundary diffusion models suggest that LME occurs due to the diffusion of the embrittling
atoms along the grain boundaries of the solid. The Krishtal-Gordon-An model suggests that the
embrittling atoms diffuse a short distance into the base material grain boundaries, where they lower crack
resistance and suppress slip [77,78]. Once the concentration of the embrittler has built up to a critical
level, crack nucleation occurs at the head of dislocation pileups. In the Klinger-Rabkin model, the
diffusion of embrittling atoms along the grain boundaries creates stresses due to the Kirkendall effect,
which may cause crack nucleation and intergranular fracture [79].

In addition to these general models, several mechanisms have also been proposed specifically for the
steelsolia/ ZNiiquia System. Beal et al. proposed the following simple mechanism [15]:

1. Liquid zinc penetrates along steel grain boundaries due to tensile stresses.

2. When the critical amount of zinc penetration is achieved, subsequent tensile stresses cause the

crack to open up.

3. The crack fills with liquid zinc, which then penetrates further into the grain boundary beyond the

crack tip and the process repeats.

This is similar to the brittle fracture theory based propagation models in that liquid metal reduces the

grain boundary strength, allowing the external stresses to form or propagate a crack.

Kang et al. proposed an alternative mechanisms for LME in TWIP steel, in which both liquid zinc
penetration and grain boundary diffusion ahead of the liquid penetration path play a role in LME [68]. In
this mechanism, zinc penetration occurs by solid-state grain boundary diffusion. Once the zinc
concentration exceeds the solubility of zinc in steel, liquid zinc is formed, causing a loss in grain
boundary cohesion and the initiation of cracks. This mechanism is more similar to the grain boundary

diffusion models proposed by Krishtal-Gordon-An and Klinger-Rabkin.

2.5 LME in RSW of AHSS

LME is a concern when resistance spot welding zinc-coated AHSS. Because most of the heat is
generated at the sheet-sheet contact area, the surfaces of the steel remain unmelted. However, zinc has a

significantly lower melting point (419°C) than steel (approximately 1500°C); therefore, the zinc coating
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on the surfaces will melt. This results in liquid zinc in contact with solid steel in the presence of stresses

that develop during welding.

2.5.1 Characteristics of LME Cracking in Resistance Spot Welds

LME cracks have been classified by Choi et al. into three types based on their location in the weld
[13,16,80]:

1. Type A cracks are located in the center area, which is in contact with the electrode during
welding.

2. Type B cracks are located in the weld periphery, which is not in contact with the electrode during
welding.

3. Type C cracks are located at the interface between the sheets.

The three types of cracks are illustrated in Figure 2.13.
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Figure 2.13 Classification of RSW crack locations [13].

Type B cracks are the most common and have been observed in many studies [10-
14,16,43,67,80]. According to a study by Ashiri et al, this is because this area is not in contact with the
water-cooled electrode and therefore experiences higher temperatures and stresses [10]. Ashiri termed the
weld periphery the “supercritical LME area” due to the frequent LME cracking in this area. Type A
cracks are observed less frequently but have also been seen in a number of studies [11-13,16,17,67,80].

Type C cracks are rare and have only been observed in only a few studies [16,80].

LME cracks can be identified by their intergranular path and the presence of zinc inside the crack
[10,13,17,43,80,81]. Some studies have also noted that copper was found in the LME cracks (indicating
electrode degradation) [11,67]; however, this has only been observed in the minority of cases where the
composition of the embrittling agent was measured.
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2.5.2 Effect of Welding Parameters on LME

As noted in Section 2.3.2, there are a number of parameters which can be adjusted in RSW to
obtain the desired weld performance. In particular, current, welding time, and electrode force have a
direct effect on the heat input and nugget diameter (Equation 2.1). Several studies have been conducted to
determine the impact of these important welding parameters on LME cracking, with the results showing
that a larger heat input corresponds to more severe LME cracking. Ashiri et al. observed that LME
cracking only occurred when a critical nugget diameter was exceeded [10]. A larger heat input resulted in
a faster rate of nugget growth and more thermal expansion, leading to higher stresses in the weld
shoulder. This is corroborated by several studies in which LME cracks were observed only at high
welding currents [43,67,82]. Additionally, Kim et al. showed that above this critical heat input, LME
cracking became more severe as current and welding time were increased [11]. Interestingly, the effect of
welding time on LME severity does not seem to be an effect purely of heat input; Choi et al.
demonstrated that lengthening the welding time while reducing current to maintain the same nugget
diameter resulted in more severe LME due to the increased liquid metal contact time [13]. Finally, a
reduction in electrode force causes an increase in heat input and decrease in cooling efficiency due to the
reduced contact at the sheet-sheet interface and also corresponds to an increase in LME severity
[11,13,14,80].

Although it does not have an impact on the heat input, the hold time also plays a role in the
formation of LME cracks. It has been observed that increasing the hold time causes a reduction in LME
cracking, especially in Type A cracks [11,16,67,80]. This is because during the holding time, the weld
surfaces are under compressive stress and temperature is decreasing. When the electrodes are released, the
stress changes from compressive to tensile and temperature increases (Figure 2.14) [13,16,80]. With a
long enough hold time, temperature in the center of the weld surface (where Type A cracks form) can be
reduced enough that there is no liquid zinc present when the electrodes release and the surface
experiences tensile loading. A similar effect was observed for Type C cracks [80]. Conversely, Type B

cracks are thought to form during heating, and therefore, are not affected by holding time [13].
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Figure 2.14 a) Temperature and b) stress in center surface (where Type A cracks form) during
RSW simulated by SORPAS [13].

2.5.3 Effect of LME on Weld Mechanical Performance

Currently, it is unclear what impact LME has on the mechanical performance of resistance spot
welds. Several studies have shown no impact of heat affected zone cracking, including LME cracking, on
tensile or fatigue properties [11,83-87]. However, a study by Choi et al. demonstrated a loss in
mechanical properties (tensile shear and cross tension strength, absorbed energy, and fatigue life) in Gl
coated TRIP1180 only when LME cracks longer than 325 um were present. In addition, DiGiovanni et al.
concluded that crack location was a significant factor in determining whether a particular LME crack
would have an impact on tensile lap shear strength and fracture [17,18]. The weld is not uniformly load
during tensile lap shear testing and only cracks located in highly stressed areas were shown to reduce the
weld strength. Further study is needed to establish a clearer relationship between LME cracking and weld
performance.

2.5.4 Quantifying LME Severity

Determination of a quantitative relationship between LME cracking severity and mechanical
performance is complicated by the fact that there is no standard method used to quantify LME cracking.
Methods which have been described in literature include: maximum crack length [10,13,16,17,43,88],
total length of surface cracks [12], total crack surface area [81], surface cracking ratio [11], number of
cracks per weld [88], and mean crack length [14,89]. Large variability is associated with many of these

commonly used methods, making it difficult to determine differences in LME crack populations with
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confidence [90]. To be of descriptive value, any cracking metric developed should be relatable to weld
performance. However, no such connection has been made with any of the aforementioned LME cracking

guantification methods.

2.5.4.1 Statistical Distributions

The arithmetic mean (referred to hereafter simply as “mean”) is a commonly used measurement
of central tendency in a population. Therefore, it is logical that mean crack length would be used as a
metric for LME severity, as it has been in several studies [14,89]. Use of the mean crack length to
describe cracking requires the underlying assumption that the total crack population is normally
distributed. The normal (or Gaussian) distribution is one of the most commonly observed probability
distributions, with many numerical populations in nature closely fitting a normal distribution [91].
However, there are a number of other probability distributions which may be more appropriate for
characterizing crack size. For instance, cracks observed in aircraft service inspections have been modelled
with a lognormal distribution [92], crack length distribution density in fatigue fracture specimens has
been observed to fit a Pareto distribution [93], and crack growth resistance coefficient has been modelled
using a Weibull distribution [94]. In addition, large errors associated with mean crack length suggest that
the normality assumption may not be applicable to LME cracking [90]. Further study into the distribution
of crack length populations in LME affected welds would be beneficial to developing a better method of
quantifying LME in resistance spot welds.

2.5.4.2 Outliers

Maximum crack length is another LME cracking metric which is commonly used in literature
[10,13,16,17,43,88]. However, maximum crack length is very inconsistent between samples. For
example, DiGiovanni et al. found that in welds of TRIP1100 made using the same welding parameters,
the maximum crack length varied from 100 pum to over 1000 pm [17]. The maximum crack length will
also be strongly affected by any outliers. Therefore, it is recommended that 95" percentile crack length is

substituted for maximum crack length, to reduce the effect of outlying data points.

2.5.5 Methods for LME Reduction in RSW

As discussed in Section 2.5.2, the welding parameters used have a large impact on the LME
severity in a weld. Thus, the obvious solution for LME suppression is to select parameters that do not
create favourable conditions for LME to occur. This would primarily mean reducing heat input (lowering

welding current and/or time and increasing electrode force), while still ensuring the minimum nugget
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diameter is met (Equation 2.2). Extended hold times may also be used to reduce LME cracking. However,
increasing hold time is only effective for Type A cracks and will increase manufacturing cycle time. In
cases where these techniques do not sufficiently reduce LME cracking, several alternative welding

schedules have also been suggested.

Ashiri et al. proposed a two pulse welding schedule, which was capable of producing LME free
welds in an electrogalvanized TWIP steel [43]. A longer first pulse was used to generate the minimum
nugget diameter and a second shorter pulse was used to grow the nugget. SORPAS simulations
demonstrated that this welding schedule resulted in lower temperatures and stresses in the supercritical
LME area due to a lower heating rate. However, it should be noted that the nugget diameter was not kept
constant between the single and double pulse welds, meaning that the effect of the welding schedule
cannot be isolated from the effect of the reduced heat input. Further study is needed to determine the
impact of pulsing on LME severity and the mechanisms by which this impact occurs.

Kim et al. were able to reduce LME severity in welds of GA coated TRIP590 through application
of a pre-pulse [11]. As noted in Section 2.3.2.1, this technique has been used to remove low melting
temperature coatings and oxides that may interfere with welding. The pre-pulse current is flowed for a
short time before the main welding current to melt the zinc, while the electrode force “squeezes” it out of
the welding area. De Cooman et al. demonstrated that LME could be prevented in press hardened steel by
reducing the coating weight [95], which indicates that Kim’s approach of reducing LME by removing
zinc is valid. In Kim’s study, a pre-pulse current 2 kA below the main welding current was effective for
reducing LME. However, only two different pre-pulse conditions were tested, meaning that the
possibilities and constraints of this method have not been fully explored. Additional study to determine

under which conditions this method may be used to reduce LME cracking would be beneficial.
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Chapter 3
Methodology

One of the main goals of this research is to reduce the occurrence of LME cracking in resistance
spot welds by altering the welding schedule. Multiple pulse welding schedules have shown promise in
this regard but have not been fully explored. Therefore, a major component of this thesis is investigating
the effects of multiple pulse welding schedules on LME severity and the mechanisms behind these
effects. Two different pulsed welding schemes are explored: pulsing during the main welding current
(referred to hereafter simply as pulsed welding) and applying a pre-pulse before the main welding current
(referred to hereafter as pre-pulse welding). The second goal of this research is to relate LME severity to
mechanical performance of the welds. This chapter details the materials and methods used in both of the
above studies.

3.1 Materials

Four different grades of AHSS were studied in this research: DP980, TRIP690, TRIP1100, and
TRIP1200. An interstitial free (IF) steel was also used for welding dissimilar joint geometries. All of the
materials were industrially produced and zinc coated using hot-dip galvanization. The steels were donated
anonymously through the International Zinc Association. The chemical compositions and mechanical

properties of all materials used can be found in Table 3.1 and Table 3.2 respectively.

Table 3.1 Compositions of LME susceptible AHSS.

Material Coating Weight (g/m?) Composition (wt%o)
Top Bottom C Mn Si Al Cr Mo Fe
DP980 60 55 010 21 03 005 02 03 Bal
TRIP690 58 69 020 17 04 131 - - Bal.
TRIP1100 58 70 020 22 1.6 - - - Bal.
TRIP1200 44 56 022 23 1.7 - 0.1 - Bal.
IF Steel 64 68 - 0.1 - 005 0.1 - Bal.
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Table 3.2 Mechanical Properties of AHSS.

Material Thickness (mm)  Yield Strength ~ Ultimate Tensile % Elongation
(MPa) Strength (MPa)

DP980 1.2 600 980 13.8
TRIP690 1.2 445 690 20.7
TRIP1100 1.6 861 1100 14.5
TRIP1200 1.6 1085 1236 15.4

IF Steel 15 165 305 46.0

3.2 Welding

The steel sheets were sheared into coupons with dimensions of 25 x 25 mm for the crack analysis
tests and 100 mm x 25 mm for the tensile lap shear tests. In the case of the lap shear coupons, the rolling
direction is along the 100 mm length of the tensile coupons. The coupon sizes used were smaller than
those recommended by AWS D8.9 due to the limited supply of material. A coupon width of 25 mm was
determined to be sufficient to prevent edge proximity effects because Choi et al. demonstrated that nugget
diameters were not statistically smaller when samples were welded at least 5 mm from the sheet edge
[96], a coupon width of 25 mm is sufficient to prevent edge proximity effects. All coupons were cleaned

with ethanol prior to welding.

Welds were made using three different welders:
1. Medium frequency direct current (MFDC) pedestal welder with class 2, female, B-type
electrode caps (Figure 3.1 a)).

2. Alternating current (AC) pedestal welder with class 2, female, B-type electrode caps.

3. FANUC 2000iC robot with a Type-C welding gun (Figure 3.1 b)).
The MFDC pedestal welder was used for all welds, unless otherwise specified. The AC pedestal welder
was used to make welds of DP980 and TRIP690 at the expulsion current for the cracking quantification
study (Chapter 5) because the AC welds were observed to display different patterns of LME cracking.
The robot welder was used to make welds with a low current, long time pre-pulse for the study on

multiple pulse welding schedules (Chapters 4 and 6).
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Figure 3.1 a) MFDC pedestal welder and b) FANUC 2000iC robot with Type-C welding gun.

Welds for LME studies were typically made at or up to 10% above the expulsion current to
promote LME. The expulsion current, denoted as Inax, is defined as the minimum current for which
expulsion was observed for three consecutive welds. Inax varies depending on the material and weld
geometry. Other important welding parameters were selected according to the AWS D8.9 standard [19]
and can be found in Table 3.3. Welding times are given in units of cycles (cy), a standard unit of
measurement where 1 cy is equal to 16.67 ms. The length of a cycle is derived from the 60 Hz alternating
current line frequency. TRIP1100 and TRIP1200 have weld times of 12-2-12 cy. This indicates that the
welding schedule consists of two pulses of 12 cy each, with a cool time of 2 cy between pulses.

Table 3.3 Welding parameters recommended by AWS D8.9 [19].

Material Electrode Force Cooling Weld  Expulsion Current Expulsion Current
Diameter (kN) (L/min)  Time  for 2-Sheet Similar for 3-Sheet
(mm) (cy) Weld Geometry Dissimilar Weld
(kA) Geometry (kA)
DP980 6 4.0 4 16 10.0 12
TRIP690 6 3.6 4 16 10.0 -
TRIP1100 7 5.5 6 12-2-12 10.0 13
TRIP1200 7 5.5 6 12-2-12 10.5 -
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The welds for the pulse and pre-pulse welding studies (Chapters 4 and 6) were made using the 3-
sheet dissimilar weld geometry shown in Figure 3.2 a) because it was observed to be highly LME
susceptible. LME cracks were only measured in the AHSS sheet. In the cracking quantification study
(Chapter 5), welds were made using a 2-sheet similar geometry (Figure 3.2 b)) so they could be directly

compared with the results of the tensile lap shear testing.

a) b)
ATEE AHSS
IF Steel AHSS
IF Steel

Figure 3.2 Schematics of resistance spot welds made using a) 3-sheet dissimilar and b) 2-sheet

similar weld geometries.

3.2.1 Pulsed Welding Schedules

DP980 and TRIP1100 were used for the pulse study in a 3-high dissimilar weld geometry. Four
different types of pulsing conditions were used for the study:

Short pulse followed by a long pulse.
Two equal length pulses.

Long pulse followed by a short pulse.
Single pulse weld (DP980 only).

A w0

The exact welding schedules used for each of the materials can be found in Table 3.4. The welding times
are given in the form x-y-z where x is the weld time for the first pulse, y is the cool time between the
pulses, and z is the weld time for the second pulse. Pulsing conditions were selected such that the total
welding time for each welding schedule remained the same as the welding time recommended by AWS
D8.9 (Table 3.3). For welding TRIP1100, a welding time of 12-2-12 cy, which is the welding schedule
recommended by AWS D8.9, was used as the equal pulse welding schedule. For the other two welding
schedules, the length of each pulse was varied by 2 cy to give a 10-2-14 cy and 14-2-10 cy welding
schedule for the other two pulsed welding schedules. For welding DP980, a single pulse of 16 cy is
recommended by AWS D8.9. For the pulsed welding schedules, a cool time of 2 cy was used, as when

welding TRIP1100. The remaining welding time (14 cy) was divided in half to give an equal pulse
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welding schedule of 7-2-7 cy. As with TRIP1100, the pulse lengths were varied by 2 cy each to give the

remaining welding times of 5-2-9 cy and 9-2-5 cy. It was confirmed that the nugget diameters were the

same between different pulsing conditions (Table 3.4) so that the effect of pulsing could be isolated from

the effect of heat input.

Table 3.4 Pulsed welding schedules and associated nugget diameters for DP980 and TRIP1100.

DP980

Welding Time (cy) Nugget Diameter (mm)

5-2-9

7-2-7

9-2-5
16

6.5
6.5
6.2
6.6

TRIP1100
Welding Time (cy) Nugget Diameter (mm)
7.3
7.3
7.5

10-2-14
12-2-12
14-2-10

3.2.2 Pre-pulse Welding Schedules

Only TRIP1100 was used for the pre-pulse welding studies, as it is the most LME susceptible of

the materials tested. The recommended welding schedule from AWS D8.9 (Table 3.3) was used for all of

the welds with the addition of a pre-pulse applied before the main welding pulses. A cool time of 2 cy

was applied between the pre-pulse and main welding pulse. Three different pre-pulse cases were studied

(Table 3.5):

1. High current, long time.
2. High current, short time.

3. Low current, long time.

Case 1 is the most extreme pre-pulse condition and was selected to minimize the zinc coating

thickness in the weld area. Cases 2 and 3 were selected to reduce the zinc coating thickness without

introducing too much additional heat to the weld. Note that for cases 1 and 2, the welds were made using

the DC pedestal welder and for case 3, the welds were made using the DC robotic welder. The baseline

(no pre-pulse) case was re-measured with the robot welder to compare against case 3.
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Table 3.5 Pre-pulse welding schedules.

Case Pre-Pulse Current Pre-Pulse Time Main Pulse Main Pulse Welder
(kA) (cy) Current (cy) Time (cy) Type

1 11-17 6 13 12-2-12 Pedestal

2 17 1 13 12-2-12 Pedestal
3 4 3-12 13 12-2-12 Robot

3.3 Crack Analysis

For the pulsed welding schedule study, ten welds were made for crack analysis per condition
tested. For all subsequent studies (pre-pulse and LME quantification), only five samples were welded per
condition to save time and material. The welds were made using the smaller coupon size (25 x 25 mm).
The weld surfaces were first examined under low (2 — 3 X) magnification and any visible surface cracks
were identified. Samples were then cross-sectioned across the weld diameter to measure the depth and
frequency of cracks for each weld. The cross-section direction was selected to pass through the most
severe surface cracks (Figure 3.3 a)). After cross-sectioning, the welds were mounted, polished to a 1 um
diamond finish, and etched with 5% nital. Following metallographic preparation, micrographs were taken
of any LME cracks in the cross-section using an Olympus BX51M optical microscope. The cracks were
measured with a straight line from the crack opening to the crack tip, as shown in Figure 3.3 b), using the
open source software ImageJ. Only cracks larger than 5 um were considered. LME cracking severity was
guantified using three of the cracking metrics seen in literature (see Section 2.5.4): arithmetic mean
(mean) crack length, number of cracks per weld, and 95" percentile crack length. 95™ percentile crack

length was selected as an alternative to maximum crack length to prevent inclusion of outliers.
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Figure 3.3 a) Selection of cross-section plane using visible surface cracks and b) measurement of
LME crack lengths [90].

3.4 Tensile Testing

Tensile lap shear testing is a standard method used for assessing weld strength. The impact of
LME cracking on weld strength was measured by calculating the percent difference in strength between
welds of zinc coated (LME susceptible) and uncoated (LME free) material as follows:

Funcoatea = Feoatea % 100 (3.1)

Strength Loss =

F, uncoated

where F represents the maximum load measured by the tensile test.

Tensile lap shear samples were welded in the 2-sheet similar weld geometry shown in Figure 3.4.
The overlap of the sheets meets the minimum overlap for tensile lap shear testing recommended by Zhou
et al [97]. Five samples were welded using coated and uncoated steel for each welding condition. The
uncoated material was obtained by stripping the zinc coating from experimental materials by soaking
them in a solution of 20% HCI prior to welding. Welding currents were selected such that the nugget
diameter was the same between the coated and uncoated samples. This ensures that any strength
difference is due to LME and not to a change in nugget diameter [17]. Tensile testing was conducted
without shims using an Instron Model 4206 tensile tester (Figure 3.5) at a rate of 2 mm/min.
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Figure 3.4 Tensile lap shear coupon geometry [90].

s

Figure 3.5 Instron Model 4206 tensile tester.

3.5 Nugget Diameter Measurements

Nugget diameter measurements were used to estimate differences in heat input between welding
conditions and to ensure that strength loss is due to LME cracking (refer to Sections 3.2.1 and 3.4). To
determine nugget diameter, welds were first cross-sectioned through the diameter of the weld using an

31



Accuton-50 precision cutting saw. The cross-sections were mounted, polished to a 1 um diamond finish,
and etched with 5% nital. The nugget diameter was measured in ImageJ by drawing a line across the

nugget, as shown in Figure 3.6.

Figure 3.6 Measurement of nugget diameter.

3.6 Statistical Analysis

There will be uncertainty (error) associated with any quantity measured by experimentation.
Statistical analysis is a necessary step to determine whether the results are significant. The statistical
significance of the results was assessed using confidence intervals and significance testing. Linear
regression analysis was also used in the LME quantification study (Chapter 5) to quantify the relationship
between LME cracking and weld performance.

3.6.1 Error Calculations

To calculate the uncertainty associated with the percent difference in tensile strength, the standard
deviations associated with the peak loads obtained for the welds of zinc coated and uncoated material
were calculated and standard error propagation techniques were applied as follows:

(3.2)

2 2
Ucoated) + (Uuncoated>

coated Funcoated

Ostrength Loss — |Strength LOSS'\/(

where ¢ is standard deviation and [Strength Loss| is the absolute value of the percent difference in weld

strength, calculated using Equation 3.1 [98].

For some quantities, such as 95" percentile crack length or median crack length, it is difficult to
obtain a standard deviation analytically. Therefore, a numerical method, known as the bootstrap method,
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was applied to calculate an approximation of the standard deviation [99]. In this method, a random
sample, called a bootstrap sample, is taken from the total population. The bootstrap sample contains the
same number of measurements as the total population and is sampled with replacement. With replacement
means that a given measurement in the population may be included in a bootstrap sample more than once.
The test statistic (ex. median) is calculated for the bootstrap sample. This process was repeated for 10,000
iterations. The estimate of the standard deviation for the entire population is calculated by taking the
standard deviation of the 10,000 measurements of the test statistic in the bootstrap samples. A MATLAB
function was written to implement the bootstrap method (Appendix A).

All error bars on graphs represent 95% confidence intervals, which were calculated using the

equation

4 3.3)
X +1.96— (
YN

where X is the measured quantity and N is the number of measurements [100].

3.6.2 Significance Testing

A common method for determining whether the difference between two means is significant is
the Student’s t-test. When comparing more than two means, each possible pair of means can be compared
using the t-test. However, there are two major disadvantages with this approach. Firstly, it is
computationally expensive, particularly if there are a large number of comparisons. Secondly, if each test
is performed at a significance level «, the overall significance of the all the tests, o.’, may be much greater

than a. o’ has an upper bound given by Bonferroni’s inequality:
a'<1-(1-a) (3.4)

where ¢ is the number of comparisons [100]. For instance, when comparing 5 different means, 10
individual comparisons can be made. Using a significance level of ¢=0.05 for the individual comparisons,

the overall significance of the test may be as high as o ’=0.40.

Instead, multiple means can be compared using the least significant difference (LSD) method.

The significance level for the individual comparisons is selected using Bonferroni’s correction:
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a' (3.5)

where «’ is the desired upper bound for the overall significance . The least significant difference is then
calculated as follows:

3.6
202 (3.6)

LSD = tDF,tX/Z T

where DF is the number of degrees of freedom [100]. If the difference between two means is greater than
the LSD, the difference is significant. In this work, the LSD is always calculated using an overall

significance of «’=0.05.

3.6.3 Linear Regression Analysis

For the LME quantification study (Chapter 5), linear regression analysis was conducted using
OriginPro 2017. The statistical significance of the model was tested using the analysis of variance
(ANOVA) method and correlation coefficients (R?) [100].
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Chapter 4
Effect of Multiple Pulse Weld Schedules on LME Severity

Two different types of multiple pulse welding schedules have been proposed to suppress LME in
RSW of AHSS: pulsing during the main welding current (pulsed welding) and applying a pre-pulse
before the main welding current (pre-pulse welding). However, further study is needed to fully explore
the effect these schedules have on LME severity. In this chapter, two studies are presented that aim to
further develop these two methods for LME suppression.

4.1 Effect of Pulsed Welding Schedules

Ashiri et al. determined that LME cracking could be reduced using a two pulse welding schedule [43].
However, the nugget diameter was not kept constant between the welding schedules, meaning that the
effect of pulsing cannot be isolated from the effect of heat input. This section details a revised version of

Ashiri’s study, in which the nugget diameter is kept constant (Table 3.4).

TRIP1100 and DP980 were used for this study. Ten welds were made for each pulsing condition.
All welds were made using the 3-sheet dissimilar weld geometry (Figure 3.2 a)) at the expulsion current
using the MFDC pedestal welder. The samples were analyzed using the method described in Section 3.3.
Cracking severity is quantified in terms of mean crack length, number of cracks per weld, and 95

percentile crack length.

4.1.1 Single vs. Double Pulse Welds

LME cracking severity was compared between welds of DP980 made using single and double
pulse welding schedules. It was expected that the double pulse weld would show a reduction in LME
cracking compared to the single pulse weld because Ashiri et al. observed that switching from a single to
double pulse eliminated LME cracking in the shoulder in an electrogalvanized TWIP steel [43]. Using
SORPAS modelling, Ashiri concluded that this was due to a reduced temperature in the shoulder, which
was termed the “supercritical LME area,” reducing the amount of liquid zinc present for LME. The model

also showed reduced tensile stress in this area.

In general, using a double pulse welding schedule reduced LME cracking severity, as expected.

In particular, the average number of cracks per weld has been considerably reduced by using a double
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pulse welding schedule (Figure 4.1 b)). However, the error bars on the graphs in Figure 4.1 are quite large

and many of them are overlapping, which indicates that the differences are not statistically significant.
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Figure 4.1 Comparison of a) mean crack length, b) number of cracks per weld, and c) 95th

percentile crack length for DP980 welded with different pulsing conditions.

The significance of the results was assessed using the least significant difference (LSD) method
described in Section 3.6.2. Recall that if the difference between two means is less than the LSD, that
difference is not significant. The test was performed at an overall significance level of «'=0.05 and the
Bonferroni correction was used to determine the significance level for the individual comparisons. In this
case, the LSD was calculated using a significance level of ¢=0.01 for the individual comparisons. The
results of the LSD calculation are given in Table 4.1. Unfortunately, for all three metrics, the differences
between the pulsing conditions are not significant. The only exception is the difference in number of

cracks between welds made with one of the double pulse schedules (5-2-9 cy) and welds made with a
36



single pulse schedule. This means that no conclusions can be drawn regarding the effect of using a double
pulse welding schedule on LME severity in DP980 from these cracking metrics due to their large standard
deviations. The large errors associated with the cracking metrics may indicate that they are not precise

enough to evaluate crack severity.

Table 4.1 LME cracking measurements and LSD for DP980 welded with different pulsing

conditions.
Welding Time (cy) Mean Crack Length  Avg. No. of Cracks ~ 95™ Percentile Crack
(Hm) Length (um)
5-2-9 37.5 4.3 73.9
7-2-7 28.9 5.4 60.1
9-2-5 31.4 6.2 88.2
16 36.7 12.9 72.1
LSD 33.6 8.6 31.5

Since using typical cracking metrics was shown to be ineffective in quantifying differences in
LME, instead the total populations of cracks were observed to get a more complete picture of LME
cracking in the welds. The majority of cracks in all welds are small, resulting in a peak in the crack
distribution. The peak represents the most frequently observed crack length. The shapes of the
distributions for all four pulsing conditions are very similar, with the most frequent crack lengths
observed in the range of 10 — 15 um. This explains why there was not a statistically significant difference
in the mean crack lengths. However, although the most commonly observed crack lengths are
approximately the same, there is a difference in how many cracks of this length are observed. The single
pulse welds have more cracks of this length than the welds made using double pulse welding schedules,

shown by the higher peak in Figure 4.2 a).

Similarly, when looking at the total crack distribution in Figure 4.2 b), the single pulse condition
shows much larger numbers of cracks than the double pulse conditions, particularly in the 0 — 50 pm
range. Few cracks larger than 100 um were observed for any of the conditions; only a few scattered
cracks can be observed at the higher crack lengths. Therefore, it can be concluded that the single pulse
weld demonstrates more severe LME cracking than the double pulse welds, as indicated by the larger

number of cracks.
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pum for DP980 welded with different pulsing conditions.
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4.1.2 Effect of Changing Pulse Lengths

Since using a double pulse welding schedule was able to reduce LME severity, further study was
conducted on different types of double pulse welding schedules to determine if further reductions in LME
cracking are possible. The effect of changing pulse lengths within a double pulse weld is somewhat more
difficult to predict than the difference between a single and double pulse weld. Ashiri et al. compared
several different pulsed welding schedules and were able to obtain LME free welds using a welding
schedule with a long pulse followed by a short pulse (12-1-3 cy) [43]. This type of welding schedule was
able to form LME free welds over a larger current range (which Ashiri referred to as the “weldable
current range”) because it had the slowest rate of nugget growth. Conversely, a welding schedule
consisting of a short pulse followed by a long pulse (3-1-12 cy) had a smaller weldable current range.
However, in Ashiri’s study, the 3-1-12 cy welding schedule also resulted in a higher heat input because he
used a higher current for the second pulse than the first. To isolate the effect of heat input from the effect
of pulsing, this study investigates the LME severity in welds made with different double pulse welding
schedules but the same nugget diameter.

The effect of changing pulse lengths are slightly different for the two materials tested. In welds of
DP980, the three cracking metrics were not significantly different in welds made with the three different
double pulse welding schedules (Figure 4.1). Therefore, conclusions must be made using the total crack
distributions, rather than the mean values. When looking at the distribution of short cracks in Figure 4.2
a), it can be seen that the number of cracks observed at the most frequent crack length (10 — 15 pum) is
lower for the 5-2-9 cy welds than for the welds made using the other two double pulse schedules (7-2-7
and 9-2-5 cy). Since all of the double pulse welds have approximately the same total number of cracks per
weld (Figure 4.1 b)), the presence of fewer small cracks indicates that the 5-2-9 cy welds must have a
greater proportion of larger cracks. This is confirmed by the total distribution of cracks (Figure 4.2 b)), in
which the 5-2-9 cy welds have the lowest number of cracks in the 0 — 50 um range and the largest number
in the 50 — 100 um range out of the three double pulse welds. This suggests that the 5-2-9 cy welding
time yielded the most severe LME cracking, but there is no significant difference in LME between the
other two double pulsing welding schedules. This is consistent with the study by Ashiri et al, who also
observed that LME cracking was more severe with welding schedules consisting of a short pulse followed

by a long pulse.
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When studying welds of TRIP1100, it is again difficult to determine which condition performed
the best according to the typical cracking metrics (Figure 4.3). Calculating the LSD (using a significance
level of 0=0.02 for the individual tests in this case) showed the differences in the cracking metrics are
mostly not statistically significant (Table 4.2). However, unlike DP980, the differences in the 95%
percentile crack length are significant for TRIP1100. This is likely because large cracks are more
consistently observed for TRIP1100.
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Figure 4.3 Comparison of a) mean crack length, b) number of cracks per weld, and ¢) 95th
percentile crack length for TRIP1100 welded with different pulsing conditions.
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Table 4.2 LME cracking measurements and LSD for TRIP1100 welded with different pulsing

conditions.
Welding Time (cy) Mean Crack Length  Avg. No. of Cracks  95™ Percentile Crack
(Hm) Length (um)
10-2-14 97.0 20.7 434.7
12-2-12 121.3 145 806.6
14-2-10 101.3 18.3 495.0
LSD 61.0 8.3 37.4

Using the crack distributions to assess LME cracking severity in TRIP1100, there is a difference
in the most frequent crack length observed. Using the 12-2-12 and 14-2-10 cy welding times, the most
common crack lengths observed are between 25 and 30 um, while cracks are most commonly observed in
the 45 — 50 um range when welding with the 10-2-14 cy schedule (Figure 4.4 a)). This can also be seen in
Figure 4.4 b), where the 10-2-14 cy welds have a greater number of cracks in the range of 50 — 150 um
than the other two conditions. Because of this, it can be concluded that, similar to DP980, the 10-2-14 cy
welding time yielded the most severe LME, but it is difficult to make conclusions regarding the other two
conditions. The 14-2-10 cy welds have the most cracks on average (although recall that this difference is
not statistically significant) but cracks are not as long, demonstrated by the shorter 95" percentile crack
length (Figure 4.3 c)).
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pm for TRIP1100 welded with different pulsing conditions.
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4.2 Effect of Pre-Pulse Welding Schedules

For this portion of the study, only TRIP1100 was used because it is the more LME susceptible of
the two materials. Five welds were made with the MFDC pedestal welder using the 3-sheet geometry
using the expulsion current and the standard welding schedule in Table 3.3. The last set of pre-pulse
welds (low current, long time pre-pulse) were made using the DC robotic welder. The pre-pulses were
applied 2 cy before the main welding current. Again, the LME cracking in the samples was analyzed
according to Section 3.3. Note that a pre-pulse of zero refers to the standard welding schedule with no

pre-pulse applied.

It was expected that the addition of a pre-pulse would cause a reduction in LME severity in the
welds. Kim et al. demonstrated that applying a pre-pulse could reduce LME cracking or even eliminate it
completely in RSW of galvannealed TRIP590 [11]. The pre-pulse was intended to melt the zinc coating
and remove it from the weld area prior to application of the main welding current. Kim et al. tested only
two different pre-pulse conditions. This study was intended to determine the optimum pre-pulse
conditions for reduction of LME in TRIP1100 spot welds.

4.2.1 Effect of Pre-Pulse on LME Cracking

For welds made using welding schedules with a 6 cy pre-pulse, the LSD analysis (using a
significance level of a=0.005 in this case) shows that there is not a statistically significant difference in
mean crack length or number of cracks per weld as the pre-pulse current is increased (Table 4.3).
However, applying a pre-pulse current of 11 to 15 kA did cause a reduction in 95" percentile crack length
(Figure 4.5). Due to the lack of statistical significance, the only conclusion that can be made is that for 2
out of 3 of the LME metrics, applying a 6 cy pre-pulse does not cause a significant improvement in LME
severity.
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Figure 4.5 Comparison of a) mean crack length, b) number of cracks per weld, and c) 95th

percentile crack length for TRIP1100 welded with 6 cy pre-pulses of different currents.

Table 4.3 LME cracking measurements and LSD for TRIP1100 welded with 6 cy pre-pulses of

different currents.

Pre-Pulse Current Mean Crack Length  Avg. No. of Cracks 95" Percentile Crack

(kA) (km) Length (Lm)
0 121.3 145 806.6
11 1132 255 357.4
13 117.3 31.9 483.3
15 1234 323 505.2
17 216.4 17.8 885.2
LSD 101.8 138 53.2
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On average, it seems that LME becomes more severe as the pre-pulse current is increased, even
though the zinc coating is reducing. This is likely due to the increase weld heat. It has been well
documented that increasing heat to the weld worsens LME cracking [10,11,16,43,69]. This is also
consistent with the study by Kim et al., which showed that when the pre-pulse current was too high, there
was no improvement in LME severity in the weld [11]. This indicates that to use the pre-pulse method,
one must find a balance between coating removal and heat input.

To melt the zinc coating while still minimizing the amount of heat introduced to the weld, a pre-
pulse with high current applied over a short time was selected. Therefore, pre-pulse currents of 17 kA
with lengths of 1, 2, 4, and 6 cy were tested next. Before cross-sectioning, the length of visible surface
cracks were first measured. While this is not ideal, since not all cracks are visible on the surface, it is a
useful screening test because the normal crack analysis method that is quite time consuming. The average
surface crack length for most of the pre-pulse conditions is longer than for the standard welding schedule
condition. However, for the 17 kKA, 1 cy pre-pulse, there was a slight reduction in average surface crack

length, so these samples were cross-sectioned and used for more detailed LME analysis (Figure 4.6).
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Figure 4.6 a) Surface cracks and b) average surface crack length in TRIP1100 welded with 17 kA
pre-pulses of different lengths.

For welds made using a 17 kA, 1 cy pre-pulse, two out of three of the cracking metrics again
showed no reduction in LME with the applied pre-pulse (Figure 4.7). Since there is only one comparison
in this case, a standard t-test using o=0.05 can be used instead of the LSD method. According to the t-test,

there is no statistical difference in mean crack length or number of cracks per weld between the welds
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made using the standard welding schedule and the welds made with the 17 kA, 1 cy pre-pulse. There is a
significant decrease in 95" percentile crack length when the pre-pulse is added but overall, the pre-pulse
does not appear to reduce LME severity.
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Figure 4.7 Comparison of a) mean crack length, b) number of cracks per weld, and c) 95th
percentile crack length for TRIP1100 welded with and without 17 kA, 1 cy pre-pulse.

Since the 17 kA, 1 cy pre-pulse did not significantly reduce LME cracking, a low current over a
longer time was tested next. 4 kA was selected as the pre-pulse current, as it was the lowest current the
welder was able to output. Recall that the robotic welder was used to make the welds for this portion of
the study. Three different pre-pulse times were used (3, 6, and 12 cy). In this case, welds made using all
three 4 kA pre-pulse conditions showed no improvement in LME cracking compared to the standard weld
for all three cracking metrics (Figure 4.8). The welds made using a 4 kA, 3 cy pre-pulse had fewer cracks
per weld on average compared to the standard weld and the welds made using a 4 kA, 6 cy pre-pulse had
a lower 95" percentile crack length, but the LSD analysis (using a significance level of ¢=0.01 for the

individual tests in this case) showed that these differences were not significant (Table 4.4).
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Figure 4.8 Comparison of a) mean crack length, b) number of cracks per weld, and ¢) 95th
percentile crack length for TRIP1100 welded with 4 kA pre-pulses of different lengths.

Table 4.4 LME cracking measurements and LSD for TRIP1100 welded with 4 KA pre-pulses of
different lengths.

Pre-Pulse Time (cy)  Mean Crack Length  Avg. No. of Cracks 95" Percentile Crack

(Hm) Length (pm)
0 67.6 29.7 200.8
74.0 23.0 295.5
6 69.3 28.3 181.3
12 64.4 33.2 297.6
LSD 34.9 15.4 104.1
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4.3 Summary and Further Work

The use of multiple pulse welding schedule to reduce LME severity in resistance spot welds of
DP980 and TRIP1100 was evaluated. Mean crack length, number of cracks per weld, 95" percentile crack

length, and histograms of the crack populations were used to evaluate the LME severity in the welds.

The investigation of the effect of pulsing on LME severity yielded mixed results. Changing from
a single to a double pulse welding schedule reduces LME severity, but the impact of changing the pulse
lengths is unclear. Based on the crack length distributions, welding schedules consisting of a short pulse
followed by a long pulse (5-2-9 cy for DP980 and 10-2-14 cy for TRIP1100) showed the greatest LME

severity, but no conclusions could be made regarding the effect of the other two pulsing conditions.

The application of a pre-pulse does not appear to be an effective method for reduction of LME in
RSW. In order to successfully use the pre-pulse method, a balance must be found between coating
reduction and heat input. None of the pre-pulse conditions tested were able to significantly reduce LME
in TRIP1100 welds according to the three cracking metrics used.

Forming conclusions from the three cracking metrics (mean crack length, number of cracks per
weld, and 95" percentile crack length) was difficult because of the lack of statistically significant
differences between conditions. This is due to the large confidence intervals of the average lengths and
numbers of cracks observed in LME susceptible welds. This suggests that these commonly used cracking

metrics may not be the best method for quantifying LME cracking in resistance spot welds.
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Chapter 5

LME Quantification and Relationship with Weld Performance

In the previous chapter it was shown that LME cracking is not effectively quantified using typical
cracking metrics (mean crack length, number of cracks per weld, and 95™ percentile crack length) due to
their large uncertainty. This chapter explores alternative methods of crack quantification.

All four grades of AHSS (DP980, TRIP690, TRIP1100, and TRIP1200) were used in this study
to ensure that the quantification methods studied are applicable to different materials with different LME
susceptibilities. Welds of each material were made using the standard welding schedule described in
AWS D8.9 (see Table 3.3) at a current 10% above the expulsion current (Imaxt10%). Following this,
samples of TRIP1100 and TRIP1200 were also welded with currents between lnax and Inax+10% to vary
the amount of LME cracking. Additional DP980 and TRIP690 samples were also welded at Inax With the
AC pedestal welder because the AC welds display different patterns of LME cracking. Five samples were
welded per condition using a two high similar geometry (Figure 3.2 b)) and the LME cracking severity
was assessed as per Section 3.3. Tensile lap shear samples were made using the same welding parameters
according to the method described in Section 3.4. The LME severity was related to the percent difference
in strength by performing linear regression analysis. ANOVA tables for the linear regressions can be

found in Appendix B.

5.1 Crack Analysis

The four materials tested displayed different patterns of crack susceptibility. Very few cracks
were observed in DP980 and those that were seen tended to be small (Figure 5.1 a, b)). Few cracks were
also observed in TRIP690 (Figure 5.1 c)), but there were some very large cracks in the center of the weld
area (Figure 5.1 b)). In TRIP1100, large cracks were observed in the center of the weld (Figure 5.1 ¢))
and many small cracks were also observed in the shoulder (Figure 5.1 f)). TRIP1200 had a large number

of cracks, which were mostly small and located in the weld shoulder (Figure 5.1 h)).
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Figure 5.1 Micrographs of resistance spot welds of DP980 (a, b), TRIP690 (c, d), TRIP1100 (e, f),
and TRIP1200 (g, h) welded at Inax+10%. LME cracks are circled [90].

Similar to the analysis carried out in Chapter 4, it is very difficult to make any conclusions
regarding which material displayed the most severe LME cracking using the three typical cracking
metrics (mean crack length, number of cracks per weld, 95" percentile crack length). The large and
overlapping error bars show that there is not a statistically significant difference between welds of
different materials (Figure 5.2). This is particularly clear when observing mean crack length, where

TRIP690 has such a large 95% confidence interval that there is no clear difference between it and any of
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the other materials (Figure 5.2 a)). This was confirmed by calculating the LSD using the method
described in Section 3.6.2. Recall that the calculations were performed with an overall significance level
of &’=0.05 and the Bonferroni correction was used to determine the significance level for the individual
comparisons. In this case, the significance level used was a=0.01. The differences in 95" percentile crack
length are significant (except for the difference between TRIP1100 and TRIP690) and TRIP1200 has a
significantly larger number of cracks than DP980 and TRIP690. All other differences are not significant
(Table 5.1).
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Figure 5.2 Comparison of a) mean crack length, b) number of cracks per weld, and ¢) 95th
percentile crack length in samples of AHSS welded at Imax+10% [90].
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Table 5.1 LME cracking measurements and LSD for AHSS welded at Inax+10%.

Material Mean Crack Length  Avg. No. of Cracks 95" Percentile Crack
(Hm) Length (um)
DP980 23.4 1.2 29.6
TRIP690 67.2 3.2 281.6
TRIP1100 87.4 29.6 363.5
TRIP1200 54.0 42.2 170.5
LSD 68.6 29.4 96.5

Even excluding the lack of statistical significance, it would be difficult to make any conclusions
regarding which material is the most LME susceptible. The three crack metrics do not show the same
trend in cracking severity. If observing only mean crack length or 95" percentile crack length, one would
conclude that TRIP1100 is the most LME susceptible. Observing only number of cracks, on the other
hand, would lead to the conclusion that TRIP1200 is the most LME susceptible. This is consistent with
the micrographs in Figure 5.1; TRIP1100 had very large cracks, while TRIP1200 had the largest number
of cracks (although they were small). This suggests that using a single one of these crack metrics is not

enough to give a complete picture of LME cracking severity.

5.2 Tensile Lap Shear Testing

In addition to quantifying LME cracking with low uncertainty, an ideal cracking quantification
metric should also be able to predict weld performance. The results of the tensile lap shear testing
revealed that the difference in strength between welds of zinc coated (LME susceptible) and uncoated
(LME free) material varies depending on the material and welding current. For instance, for welds made
with a current of lnat+10%, TRIP1100 and TRIP1200 show a significant loss of strength in the LME
affected welds (43% and 32% difference in strength, respectively), while LME had almost no effect on
the weld strength in DP980 and TRIP690 (Figure 5.3). The nugget diameters of the welds of coated and

uncoated material were similar (Table 5.2), confirming that the loss in strength is due to LME cracking.
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Figure 5.3 Comparison of peak load for coated vs. uncoated AHSS welded at Imax+10% [90].

Table 5.2 Comparison of nugget diameters for coated vs. uncoated AHSS welded at Inax+10%

Material Nugget Diameter
Uncoated Coated
DP980 6.7 6.6
TRIP690 6.8 6.5
TRIP1100 7.6 7.8
TRIP1200 7.6 7.4

To explain this difference in strength loss, the percent difference in weld strength was plotted
against the three cracking characterization metrics. For both mean crack length and 95" percentile crack
length, the correlation coefficients (R? values) are very low (0.15 and 0.11, respectively) and the ANOVA
analysis from the linear regression determined that the slope was not significantly different from zero.
This indicates that there is no relationship between crack length and strength loss. However, upon closer
inspection, there does appear to be an increasing trend but the outlying TRIP690 and TRIP1200 points at
the bottom right of the graph (circled in Figure 5.4 a) and c)) are interfering with the statistical analysis.
Similarly, a larger number of cracks also corresponds to a larger decrease in strength (Figure 5.4 b)).
Although the correlation is not perfect, the ANOVA analysis determined that the slope of the trend line is

significantly different from zero and the correlation coefficient is reasonable (R?=0.71).
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Figure 5.4 Relationship between a) mean crack length, b) number of cracks per weld, and ¢) 95th
percentile crack length and weld strength loss for resistance spot welded AHSS [90].

The observations that longer cracks and a larger number of cracks correspond to a larger strength
loss are consistent with literature. Choi et al. observed that spot welds with LME cracks longer than 325
pm demonstrated a reduced mechanical performance [16]. In addition, DiGiovanni et al. showed that
crack location and the direction of loading determine whether an LME crack will have an impact on weld
strength and fracture [17,18]. While this location effect cannot be directly accounted for using one of
these simple crack metrics, the probability of a crack being located in a critical area will increase as the
number of cracks in the weld increases. This probabilistic effect explains why there is such a strong
relationship between number of cracks and strength loss. Even though neither length nor number can fully

predict the loss in strength, both clearly have an effect on the weld performance.
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5.3 Crack Population Distributions

The analysis method must be amended to improve the correlation between crack sizes and weld
strength loss. Previously, mean crack length was used because it is a common descriptor of the “typical”
crack size in a population. However, the very large error bars in Figure 5.2 a) suggest that this may not be
an accurate method for characterizing crack length. This is because when using the mean crack length,
there is an underlying assumption that the data is normally distributed. However, constructing histograms
of the LME crack populations shows that the normality assumption does not hold. Figure 5.5 a) shows a
histogram of the actual cracks measured in samples of TRIP1200 welded at Imax+10% fitted with an ideal
normal distribution with the same mean, standard deviation, and number of measurements. There is a
clear lack of fit between the model and the data. Conversely, when fitted with a lognormal distribution
instead, the model matches quite well with the data (Figure 5.5 b)). This indicates that lognormal statistics
should be used to quantify LME crack size.
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Figure 5.5 Histograms of LME cracks observed in TRIP1200 welded at Imax+10% fitted with a) a
normal distribution and b) a lognormal distribution [90].

Changing to using the lognormal mean shows an improvement over the arithmetic mean, as the
error bars are slightly reduced (Figure 5.6 a)). However, the error bars are still overlapping, suggesting
that the differences will not be statistically significant. In addition, the correlation between lognormal
mean and strength loss is still poor, with an R? value of only 0.13 (Figure 5.6 c)) and the ANOVA
analysis reveals that the slope is not significantly different from zero. The same two points in the bottom

right corner of the graph are interfering with the analysis. A much more significant improvement is seen
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when the lognormal median (also known as the geometric mean) is used instead of the lognormal mean.
The error bars are considerably smaller (Figure 5.6 b)) and the correlation with the strength loss is also
slightly improved (Figure 5.6 d)). While the ANOVA analysis still shows that the slope of the linear
regression is not significant, the R? value is now 0.28, which is an improvement. Note that the lognormal
distribution used was based on the natural logarithm. However, calculating using a base 10 logarithm

yielded a very similar result.
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Figure 5.6 a) Lognormal mean and b) lognormal median of samples welded at Imax+10%.
Relationship between c) lognormal mean and strength loss and d) lognormal median and strength
loss in resistance spot welded AHSS [90].
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5.4 Crack Index

The results discussed in Section 5.2 indicate that both crack length and location have an impact
on weld performance. To account for both of these factors, a “crack index” can be calculated:

n
Crack index = + (5.1)

where n is the number of cracks per weld, L is the lognormal median crack length, and t is the sheet
thickness of the AHSS. The number of cracks per weld accounts for the probability that a crack is located
in a critical area, while the lognormal median determines whether the crack is likely to be of sufficient
length to cause a loss of strength. The product of n and L is divided by the sheet thickness as a
normalization factor because the critical crack length for strength loss will depend on the sheet thickness.
It is necessary to take a probabilistic approach because both the crack analysis and tensile lap shear
testing are destructive methods. This means that the welds that are tensile tested cannot be the same welds
which are analyzed for LME cracks, so the actual crack populations in the tensile lap shear samples are

unknown.

Comparing the crack index for the four grades of AHSS welded at Ima+10%, the differences in
LME severity are much clearer. TRIP1100 and TRIP1200 have approximately the same crack index,
which is much greater than the crack index for DP980 and TRIP690 (Figure 5.7 a)). The LSD test showed
there was no significant difference between TRIP1100 and TRIP1200 or DP980 and TRIP690. However,
the TRIP1100 and 1200 do have a significantly higher crack index than DP980 and TRIP690 (Table 5.3).
This is consistent with the cracking observed in the micrographs in Figure 5.1. TRIP1100 and TRIP1200
displayed very serious cracking with very long cracks (for TRIP1100 only) and large numbers of small
cracks, while DP980 and TRIP690 showed few cracks in general. The crack index may be physically

considered to be a ratio of the total length of cracks in the cross section to the sheet thickness.

The crack index is able to effectively model the effect of LME cracking on weld strength loss.
Plotting the strength decrease against the crack index reveals a linear relationship (Figure 5.7 b)). The
ANOVA analysis shows that the slope is significantly different from zero and the R? value of 0.9

indicates that the model fits the data well.
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Figure 5.7 a) Crack index for AHSS welded at Imax+10%. b) Relationship between crack index and
strength loss for AHSS [90].

Table 5.3 Significance testing for differences in crack index in AHSS welded at Imax+10%.

Material Crack Index
DP980 0.02
TRIP690 0.10
TRIP1100 0.99
TRIP1200 1.00
LSD 0.12

5.5 Alternative Crack Indices

While the crack index is able to accurately explain the loss of strength in LME affected welds,
using the lognormal median to characterize crack length is not intuitive and may be complicated for those
who are unfamiliar with this type of distribution. In the following sections, several alternative methods for

calculating a crack index are discussed to simplify analysis.

5.5.1 Crack Index with Normal Median

The lognormal median was used as the characteristic length in the original crack index because
the LME crack population was observed to fit a lognormal distribution. However, a comparison between
the normal and lognormal median reveals that the two are similar in most cases (Figure 5.8 a)).
Recalculating the crack index with the normal median and plotting against the strength loss reveals that
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there is still a strong correlation (Figure 5.8 b)). The ANOVA confirms that the slope is still significantly
different from zero, and the R? is 0.88, which is only a decrease of 0.02 compared to the crack index with

lognormal median.
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Figure 5.8 a) Comparison of normal and lognormal median. b) Relationship between crack index
calculated with normal median and strength loss [90].

5.5.2 Crack Index with Different Percentile Crack Lengths

The median crack length is the same as the 50 percentile crack length. The crack index was also
calculated using different percentile lengths. Each of these crack indices was plotted against the strength
loss and linear regression was performed to get a correlation coefficient (R?). The R? values were plotted
against the percentile to determine which percentile gave the best correlation with strength loss. It appears
that most of these crack indices correlate reasonably well with strength loss. All of the R? values are
above 0.8, with the exception of the crack index calculated with the 90™ percentile crack length. In

general, it seems that the R? value decreases as percentile increases (Figure 5.9).
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Figure 5.9 Correlation coefficient (R?) for crack indices calculated with different percentile crack

lengths.

To identify why this is the case, the regressions were examined more closely. There is an outlier
to the linear trend seen in many of the regressions (TRIP1100 with a 43% strength loss), which is circled
in red in Figure 5.10 a) and b). With moderate percentiles (Ex. 60" percentile shown in Figure 5.10 b)),
this point is separated from the line. However, as the percentile decreases, the outlier moves closer to the
main line (Ex. 20" percentile shown in Figure 5.10 a)). The fit does not actually seem to be changing
significantly but because the outlier moves closer, the R? is increasing. However, with the high percentiles

(Ex. 95" percentile shown in Figure 5.10 c)), the linear fit actually does appear to be worse.
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Figure 5.10 Relationship between crack index and strength loss for crack index calculated using a)
20th, b) 60th, and c) 95th percentile crack length.

To isolate the actual fit from the effect of the outlier, the outlying data point was removed and the
analysis was repeated. The R? values were again plotted against the percentile. The R? remained fairly
constant, particularly in the range of 30" to 75" percentile (Figure 5.11). There is a slight decrease in R?
with the very small percentiles (10" to 25™) but overall the R? does not change much until the 80"
percentile, when it begins to decline. This indicates that any percentile crack length below the 80%
percentile can be used to calculate a crack index, as long as it is used consistently. However, the
percentiles above the 80" did not correlate as well with the strength loss, likely because they are strongly
affected by the presence of very long cracks. Using the median (or other percentile crack length)
implicitly assumes that the different crack populations fit the same type of distribution. The ability to use
any crack length between the 10" to the 80" percentile shows that using a statistical approach to

characterize crack length is valid.
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Figure 5.11 Correlation coefficient (R?) for crack indices calculated with different percentile crack
lengths with outlier removed.

5.6 Summary and Further Work

This chapter proposed a crack index to characterize LME cracking severity based on crack length,
number of cracks, and sheet thickness. The crack index was shown to have a strong linear relationship
with loss in tensile lap shear strength. It is calculated using the lognormal median as a metric of crack
size, number of cracks per weld to account for the probability that a crack will be located in a critical area,
and sheet thickness as a normalization factor. The crack index is able to quantify differences in cracking
populations with more confidence than previously used cracking metrics (mean crack length, number of
cracks, and 95" percentile crack length) due to its lower uncertainty. Normal median (50" percentile
crack length) or another percentile crack length below the 80™ percentile may also be used to calculate a
crack index, confirming that the probabilistic approach to measuring crack length is valid. However,
crack indices calculated with the 80" percentile or above do not demonstrate as strong a correlation with

strength loss because they are strongly affected the presence of very long cracks.

In the following chapters, the term “crack index” will refer to the crack index calculated using the
lognormal median. The next chapter will apply the crack index analysis to the data from Chapter 4 on the

effect of welding schedule on LME cracking.
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Chapter 6
Applying the Crack Index to Analyze Impact of Multiple Pulse Welding
Schedules on LME Severity

In Chapter 4, the effect of multiple pulse welding schedules (pulsed and pre-pulse welding) were
investigated using mean crack length, number of cracks per weld, and 95" percentile crack length as the
metrics of cracking severity. Due to a lack of statistically significant differences between welding
conditions using these metrics, the overall crack distributions were also examined. In this chapter, the data
from Chapter 4 will be re-analyzed using the crack index method developed in Chapter 5. The crack index
will be calculated using Equation 5.1 with the lognormal median used as the crack length parameter. The

mechanisms responsible for the observed changes in crack index will also be explored.
6.1 Effect of Pulsed Welding Schedules

6.1.1 Single vs. Double Pulse Welds

In Chapter 4, it was concluded from the crack distribution patterns that single pulse welds
demonstrated worse LME than double pulse welds in DP980. The most frequently observed crack length
was the same for all four pulsing conditions (10 — 15 um); however, the single pulse condition had a

greater number of cracks in this range.

Re-analyzing the data using the crack index method confirmed that single pulse welds do indeed
exhibit more severe LME cracking than double pulse welds. Using a double pulse welding schedule
resulted in a 52 — 62% reduction in crack index compared to the standard double pulse welding schedule
(Figure 6.1). This result is consistent with literature, as Ashiri et al. were able to eliminate LME cracking
in the shoulder of electrogalvanized TWIP steel with a UTS of 920 MPa by changing from a single to
double pulse weld [43]. SORPAS modelling demonstrated that this was due to reduced temperature and
tensile stresses in the weld shoulder, which they termed the “supercritical LME area.” The significance of
the results of this study were analyzed using the LSD method described in Section 3.6.2 with an overall
significance level of «'=0.05. The Bonferroni correction was used to determine the significance for the
individual comparisons (¢=0.01 in this case). The LSD calculation showed that the differences between
the single pulse condition and each of the double pulse conditions are significant (Table 6.1). No

significant difference was seen between the LME responses of the three double pulse welding schedules.
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Figure 6.1 Comparison of crack index for DP980 welded with different pulsing conditions.

Table 6.1 Crack index and LSD for DP980 welded with different pulsing conditions.

Welding Time (cy) Crack Index
5-2-9 0.10
7-2-7 0.08
9-2-5 0.10
16 0.21
LSD 0.05

6.1.2 Effect of Changing Pulse Lengths

In Chapter 4, it was concluded that welds made using the welding schedule consisting of a short
pulse followed by a longer pulse (5-2-9 cy in DP980 and 10-2-14 cy in TRIP1100) demonstrated the
worst LME cracking, while there was no clear difference between the other two conditions. Re-analyzing
the LME cracks in welds in DP980 using the crack index method shows that there is no significant
difference in cracking between the three different double pulse conditions (Table 6.1). This contradicts
the observations from Chapter 4 and is unexpected because there was an obvious difference in crack
length distribution between the 5-2-9 cy welds and the 7-2-7 and 9-2-5 cy welds (Figure 4.2 a)). However,
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it is possible that pulsing does affect LME and the difference is not seen with DP980 because it is

relatively insensitive to LME.

Using the crack index method to examine LME cracking of welds made in TRIP1100, which is
more LME sensitive than DP980, a clear difference was seen in the LME severity of the three pulsing
conditions. The 10-2-14 cy welds had the highest crack index, which is consistent with the observations
made in Chapter 4. A difference can even be resolved between the 12-2-12 and 14-2-10 cy welds. Welds
made with the 12-2-12 cy welding schedule have the lowest crack index and the 14-2-10 cy welds have a
slightly higher crack index (Figure 6.2). Calculating the LSD (using a significance level of o=0.02 for the
individual tests in this case) showed that the differences are significant for all the possible comparisons

(Table 6.2).
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Figure 6.2 Comparison of crack index for TRIP1100 welded with different pulsing conditions.

Table 6.2 Crack index and LSD for TRIP1100 welded with different pulsing conditions.

Welding Time (cy) Crack Index
10-2-14 0.69
12-2-12 0.49
14-2-10 0.60

LSD 0.06
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Since the nugget diameters of the welds made using the three conditions are approximately equal,
the heat input is also approximately the same. This means that the change in LME severity must be due to
the different thermal histories creating a difference in the microstructure in the welds. The three welding
schedules are identical until 10 cy into the weld, where they diverge. Therefore, welds made with only the

first pulse (10, 12, 14 cy) were examined using SEM to observe differences in coating morphology.

As the length of the first pulse increases, the amount of free zinc available for LME is expected to
decrease. The reasons for this are two-fold. Firstly, some of the molten zinc coating will be “squeezed”
out of the weld area by the electrode force, resulting in a thinner coating. Reducing coating thickness is a
strategy which has been employed to prevent LME in previous literature [95]. Secondly, some iron will
diffuse into the zinc coating, forming a Fe-Zn alloy. This increases the stability of the zinc, as evidenced
by the phase diagram, which shows that as the amount of iron increases, the liquidus temperature also
increases (Figure 6.3). This increased stability should create some additional resistance to LME. The
reduction of LME with a change in alloying has been well documented. Recall the example of Bi-Pb
embrittlement of copper, in which LME severity decreased as Pb content increased above 30% (discussed
in Section 2.4.3) [60]. Similar effects have been observed in the steelsias/Zniiquia System. For instance, Beal
et al. observed that holding EG coated TWIP steel at 750°C prior to high temperature tensile testing was
able to prevent LME due to the formation of Fe-Zn intermetallic compounds [50]. It has also been seen
that GA coatings, which are composed of a Fe-Zn alloy, exhibit less severe LME than GI coatings
[10,43].

66



goo 0. 8- 6 0 ® 8 0 .08 i . 0.8 U 9.0 0-0 @ l 5 980 9 8-8.8
: L+ :
800 782°C ol
:I‘ + &
700 — -
. 665°C -
o o -
5 r -
- J .
@ 600 — -
Q. - =
= B 550°C -
[ 1 530°C |}
500 —‘ s =
] - 425°C +
400 - ¢ -
300 & P 8.0 9.0 ¥ 8.9 l $ 0888 © %0 % l 09 8 9.88 5, 09
70 80 90 100
Weight Percent Zinc

Figure 6.3 Iron-zinc phase diagram [24].

To confirm that the amount of available zinc is decreasing, the thickness and composition of the
remaining zinc coating was analyzed using EDS. Because the majority of cracks occur in the shoulder
(supercritical LME area), EDS analysis was focused on the shoulder (Figure 6.4 a)). In the analysis of the
EDS line scans, the boundary of a material layer was defined as the point at which the height of the EDS
curve decreased to half of its peak height.

To estimate the thickness of the zinc coating layer, the peak height was first determined for both
the iron and zinc peaks (Figure 6.4 b)). A second line was then drawn at half the peak height (Figure 6.4
c)). A vertical line was drawn at the point where the iron peak intersected with the half height line to
determine the transition point between the steel and zinc. A second vertical line was drawn where the zinc
peak intersects with its half height line to determine the location of the edge of the zinc coating (Figure
6.4 d)). The distance between the two lines was measured to determine the zinc thickness. This process

was repeated in three different locations in the shoulder and the thickness measurements were averaged.
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Figure 6.4 a) EDS line scan of zinc coating remaining on TRIP1100 after a 12 cy pulse. Iron is
shown in red, zinc is in green, and aluminum is in blue. b) Measurement of peak heights. c)
Determination of peak half heights. d) Measurement of zinc coating thickness.
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To determine how much iron is in the zinc coating after the first pulse, the peak height for iron in
the steel was measured, as well as the height of the iron in the zinc coating (Figure 6.5). The peak height
gives the EDS count for approximately 100% iron. Thus, the percentage of iron in the zinc coating can be

approximated by calculating the ratio of the EDS count in the coating to the EDS count in the steel:

Height of Fe in Coating

(6.1)
Fe Peak Height x100.

% of Fe in Zn=

As with the zinc coating thickness, this measurement was repeated three times and the results averaged.
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Figure 6.5 Method for determining amount of iron in the remaining zinc coating for a sample of
TRIP1100 welded with a 12 cy pulse.

The EDS analysis confirmed that as the length of the first pulse increases, the zinc coating
thickness is decreasing and iron alloying is increasing, leading to a reduction in free zinc for LME (Figure
6.6). Since Ashiri et al. indicated that LME occurs during the second pulse (when the critical nugget
diameter is reached) [43], this explains why the 10-2-14 cy welds display the most severe LME: there is
more zinc available at the end of the first pulse and it is less stable.
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Figure 6.6 Average thickness and composition of zinc coating remaining after the first pulse.

However, the reduction in free zinc does not explain why the 14-2-10 cy welds also shows more
severe LME than the 12-2-12 cy welds. Since there is less available and more stable zinc at the beginning
of the second pulse, it would be expected that LME would be less likely to occur. To gain a better idea of
how the 12-2-12 and 14-2-10 cy welding times differ, the model developed by DiGiovanni et al. [101]
was used to examine the differences in temperature and stress throughout the welding time using the three
pulsed welding schedules. Because the model is still under development, the output values have been
excluded from the analysis and only the general trends are discussed. The temperature profiles are largely
the same, with the main differences appearing between 0.2 and 0.3 s (the cool times between pulses). The
model showed that for the 14-2-10 cy welding time, at the end of the first pulse (at 0.233 s) the electrode
pushes into the steel, creating an indentation (mechanical collapse).This brings the shoulder area into
contact with the water-cooled electrode, which, combined with the beginning of the cool time, causes a
large drop in temperature (Figure 6.7 a)). The rapid cooling generates tensile stresses in the shoulder,
creating potential for LME to occur. Conversely, for the 12-2-12 cy and 10-2-14 cy welding times, the
mechanical collapse occurs in the second pulse, resulting in two smaller temperature drops. The plot of
maximum principle stress shows that the 14-2-10 cy welding time results in the largest tensile stresses in
the shoulder area (Figure 6.7 b)). These results contradict Ashiri’s assertion that LME occurs during the

second pulse [43]. LME may or may not occur in the second pulse, depending on the temperature and
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stress distributions within the weld. For the conditions used in this study, LME cracks in the shoulder are
most likely to form during the cool time between the two welding pulses because the stresses change from
compressive to tensile. Reduction in free zinc and increase in tensile stress are competing effects that act
on the weld to either suppress or facilitate LME. A welding time of 12-2-12 cy provides the optimum

conditions for LME resistance, resulting in the lower crack index shown in Figure 6.2.
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Figure 6.7 a) Temperature and b) maximum principle stress in the weld shoulder of TRIP1100

welded with different pulsing conditions.
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6.2 Effect of Pre-Pulse Welding Schedules

The first pre-pulse conditions tested were high currents (11 — 17 kA) applied over a long time (6
cy). These pre-pulse conditions were selected to minimize the zinc coating thickness in the weld area. In
Chapter 4, it was concluded that these high current, long time pre-pulses did not decrease LME severity in
welds of TRIP1100 because too much additional heat was applied during the pre-pulse. Re-analyzing the
data using the crack index method confirms that this conclusion was correct. Applying a high current,

long time pre-pulse increases the crack index (Figure 6.8).
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Figure 6.8 Comparison of crack index for TRIP1100 welded with 6 cy pre-pulses of different

currents.

The next condition tested was a high current, short time pre-pulse (17 kA, 1 cy). This pre-pulse
was selected to melt the zinc coating without introducing as much extra heat into the weld. In Chapter 4,
it was shown that this type of pre-pulse was not successful in reducing LME, which is again confirmed by
the crack index analysis. As with the 6 cy pre-pulses, the crack index increases when the pre-pulse is

applied (Figure 6.9).
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Figure 6.9 Comparison of crack index for TRIP1100 welded with and without 17 kA, 1 cy pre-
pulse.

The final pre-pulse condition tested was a low current (4 kA) over a longer time (3 — 6 cy). These
pre-pulses were also intended to reduce the zinc coating thickness without introducing too much
additional heat into the weld. In Chapter 4, it was shown that these pre-pulses also did not significantly
reduce LME. However, when re-analyzed with the crack index method, these pre-pulses actually did
cause a reduction in LME cracking (Figure 6.10). The 6 and 12 cy pre-pulses showed a small reduction in
LME cracking (10%), while the 3 cy pre-pulse showed a larger reduction (29%). The LSD calculation
(performed using a significance level of ¢=0.005 in this case) showed that these reductions in LME

cracking were statistically significant (Table 6.3).
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Figure 6.10 Comparison of crack index for TRIP1100 welded with 4 kA pre-pulse of different
lengths.

Table 6.3 Crack index and LSD for TRIP1100 welded with 4 KA pre-pulses of different lengths.

Pre-pulse Time (cy) Crack Index
0 0.97
3 0.69
6 0.87
12 0.87
LSD 0.08

Recall that the heat input to the weld is given by the equation

Q= IZthur (2.1)

where 1 is the welding current, R is resistance, and tq,r is welding time. Both the low current, long time

pre-pulses and high current, short time pre-pulses were intended to reduce the coating thickness without

introducing additional heat into the weld. The low current, long time pre-pulse was much more successful

due to the squared dependence of heat input on current. Reducing the current causes a more significant

reduction in heat input than reducing time.
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To determine why the 4 kA, 3 cy pre-pulse was the most effective at reducing LME cracking,
EDS analysis was carried out, as in Section 6.1.2. The zinc coating thickness and Fe alloying were
measured following the application of the pre-pulse. The zinc coating thickness was similar between the
three different pre-pulse lengths (Figure 6.11), suggesting that the coating did not melt during the pre-
pulse. However, some iron still diffuses into the zinc coating during the pre-pulse, stabilizing the zinc.
The amount of iron in the zinc coating increases as the length of the pre-pulse increases (Figure 6.11).
Based on this alone, it would be expected that welds made using the 12 cy pre-pulse have the least severe
LME. This is not the case because there is also a competing effect of increasing heat input to the weld as
the pre-pulse length increases. The larger heat input is illustrated by a larger nugget diameter (Table 6.4).
A 4 kA, 3 cy pre-pulse reduces the free zinc available for LME without introducing too much additional
heat, leading to the best LME resistance.
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Figure 6.11 Average thickness and composition of zinc coating remaining after a 4 kA pre-pulse.
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Table 6.4 Nugget diameter for TRIP1100 welded with 4 kA pre-pulses of different lengths.

Pre-pulse Time (cy) Nugget Diameter (mm)
3 6.7
6 7.0
12 7.1
6.3 Summary

Based on the analysis presented in this chapter, the conclusions from Chapter 4 can be amended.
A number of the conclusions remain the same, but can be stated with greater confidence after conducting
the crack index analysis.

As in Chapter 4, it was seen that using a double pulse welding schedule was able to decrease
LME cracking. However, unlike in Chapter 4, the effect of the different pulsing conditions is now clear.
For TRIP1100, the most severe LME was observed for welds made with a short pulse followed by a long
pulse (5-2-9 cy for DP980 and 10-2-14 cy for TRIP1100) and the least severe LME was seen in welds
made with two equal length pulses (7-2-7 cy for DP980 and 12-2-12 cy for TRIP1100). The reason for
this was determined to be a combination of a reduction in available zinc and lower tensile stresses. For
DP980, there was not a statistically significant difference in LME cracking for the different double pulse

conditions.

Previously, it was concluded that the pre-pulse method was not effective in reducing LME
severity in resistance spot welds. Following crack index analysis, pre-pulse may in fact be used to help
mitigate LME. However, successful use of the pre-pulse method requires careful selection of parameters.
In TRIP1100, a 4 kA, 3 cy pre-pulse was able to reduce LME cracking by almost 30%. This is because
the pre-pulse alloys iron alloying to stabilize the zinc without introducing too much additional heat into
the weld.

76



Chapter 7

Conclusions and Recommendations

The objectives for this research were to relate LME severity to mechanical performance of
resistance spot welds and to reduce LME cracking by manipulating the welding schedule. Reduction of
LME cracking was attempted using two types of multiple pulse welding schedule: pulsed welding and
pre-pulse welding. The conclusions of this thesis are presented in the following sections, as well as

recommendations for future research.

7.1 LME Quantification and Relationship to Weld Performance

Commonly used LME cracking quantification metrics, such as mean or maximum crack length,
are unable to accurately characterize LME cracking in resistance spot welds because of large variability in
the data. This work demonstrated that this is because these crack metrics assume the crack populations are
normally distributed when they are actually lognormally distributed. In addition, conclusions regarding
differences in LME severity between materials or welding conditions depend on which of these metrics is
used, as the trends observed are different. Because an ideal cracking quantification metric should be
relatable to weld performance, LME cracking was compared to the loss in tensile lap shear strength. Both
crack length and number of cracks have a correlation with weld strength loss, although neither is able
predict loss in strength alone due to the noise in the data. A new crack characterization method, known as
the crack index, was developed using the lognormal median as a metric of crack size, the number of
cracks to describe the probability that a crack will be located in a critical location, and the sheet thickness
as a normalization factor. The crack index has a lower associated error and a linear relationship with loss
in tensile lap shear strength. It is the first LME quantification method to be successfully linked to weld
mechanical performance. Crack indices calculated using the normal median (50 percentile crack length)
or other percentile crack length below the 80™ percentile also show a strong correlation with weld strength
loss. This indicates that the probabilistic approach to measuring crack length is valid. The correlation with
strength loss is not as strong for crack indices calculated with the 80™ percentile crack length or above as

they are more sensitive to outliers.

7.2 Effect of Multiple Pulse Welding Schedules on LME Severity

Ashiri et al. demonstrated the use of a pulsed welding schedule to reduce LME cracking severity

in resistance spot welds by slowing the nugget growth [43]. This research confirmed that using a double
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pulse welding schedule rather than a single pulse welding schedule does reduce LME severity, as Ashiri
concluded. In welds of DP980 made using a double pulse welding schedule, the crack index was 52 —
62% lower than in those made using a single pulse welding schedule. However, the mechanism described
in Ashiri’s study was not able to explain the effect of pulsing on LME cracking when heat input was kept
constant between welding schedules. Pulsing improves LME resistance both by changing the coating
morphology and controlling the temperature and stress states in the weld. As the welding time proceeds,
the zinc coating becomes thinner and iron diffuses into the coating, stabilizing the zinc. Therefore, as the
length of the first pulse increases, the availability of free zinc for LME at the end of the first pulse
decreases. This is important because thermo-mechanical modelling shows that LME is most likely to
occur in the weld shoulder during the cool time between pulses, when the stresses change from
compressive to tensile. This contradicts Ashiri’s work, which showed that LME occurred during the
second pulse. As the length of the first pulse increases, the magnitude of the tensile stress during the cool
time also increases. A pulsed welding schedule consisting of two equal length pulses provides the
optimum LME resistance in welds of TRIP1100 by reducing the amount of free zinc available for LME

without introducing too much tensile stress in the shoulder.

Application of a pre-pulse was used by Kim et al. to reduce LME cracking severity in resistance
spot welds [11]. Kim’s study concluded that the reduction in LME was due to the zinc coating being
removed from the weld area by the pre-pulse. This work showed that this is not the case; when a pre-pulse
is applied that generates enough heat to melt the coating, the LME cracking becomes more severe due to
the increased heat input. However, low current (4 kA) pre-pulses are able to reduce crack index by 10 —
29% in welds of TRIP1100. These pre-pulses do not increase the temperature enough to melt the coating
but do allow zinc diffusion into the coating to occur. As the length of the pre-pulse increases, the iron
alloying (and therefore, zinc stability) increases. However, the nugget diameter (and therefore, heat input)
also increases. A 4 kA, 3 cy pre-pulse provides the best LME resistance because it allows iron to diffuse

into the coating and stabilize the zinc without introducing too much additional heat.

7.3 Recommended Future Work

This work has shown that a multiple pulse welding schedule can be used to reduce LME cracking
in resistance spot welds. However, there is still additional work that should be done to fully understand
and implement these methods. The study on welding with a pulsed schedule only examined three different
types of double pulse welding and the welding schedules used were very similar (only a difference of 2 cy
between pulse lengths). Examination of other types of pulsed welding schedules is needed to understand
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where the first pulse should end for optimum LME resistance. Also, further study is needed to determine
why this work was not able to replicate the complete elimination of LME cracks observed by Kim et al.
when applying the pre-pulse method [11]. Perhaps the pre-pulse welding schedules can be adjusted to
give a greater reduction in LME severity. For instance, using a higher electrode force during the pre-
current may help force liquid zinc out of the weld area. A study of the effect of zinc coating thickness on
LME severity would also be beneficial to understanding the mechanisms by which multiple pulse welding
schedules change LME cracking. Determination of a minimum coating thickness for LME, if one exists,
would assist in development of optimum welding schedules for LME resistance.

In addition, although the crack index analysis method is able to effectively predict the loss in
tensile lap shear strength, there are still opportunities for further study on the relationship between
cracking and weld strength. The largest loss in strength observed in this thesis work was approximately
43%. The loss in strength obviously cannot exceed 100%, meaning that at some point the linear
relationship between crack index and strength loss must break down. Further study is required to
determine the limits of the crack index analysis. Also, the crack index was applied only to tensile lap
shear testing. A study should be conducted to determine if the crack index can also predict cross tension
strength.
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Appendix A
MATLAB Implementation of the Bootstrap Method for Calculating

Standard Deviation of 95" Percentile Crack Length

function s = bootstrap95 (x, n, B)

calculate standard deviation using bootstrap method
x = vector of measurements

n = bootstrap sample size

B number of bootstrap samples

o° o oe

o\

per=zeros(1l,B); %initialize vector of 95th percentile calculations
for i=1:B

r=randi (length(x),1,n); $generate n random integers between 1 and
length (x)

z=x(r); %select measurement in positions r in the x vector

per (i)=prctile(z,95); %calculate 95th percentile for bootstrap sample
end
s=std(per); %calculate standard deviation of 95th percentile measurements

end
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Appendix B
ANOVA Tables for Linear Regression Analysis

Table B.1 ANOVA for linear regression of strength loss vs. mean crack length.

Source DF Sum of Squares  Mean Square F value
Model 1 234.86755 234.86755 1.54196
Error 9 1370.85704 152.31745

Total 10 1605.72459

Table B.2 ANOVA for linear regression of strength loss vs. number of cracks per weld.

Source DF Sum of Squares  Mean Square F value
Model 1 1143.24105 1143.24105 22.24764
Error 9 462.48354 51.38706

Total 10 1605.72459

Table B. 3 ANOVA for linear regression of strength loss vs. 95th percentile crack length.

Source DF Sum of Squares  Mean Square F value
Model 1 183.98972 183.98972 1.16471
Error 9 1421.73487 157.97054

Total 10 1605.72459

Table B.4 ANOVA for linear regression of strength loss vs. lognormal mean.

Source DF Sum of Squares  Mean Square F value
Model 1 210.34454 210.34454 1.35669
Error 9 1395.38005 155.04223

Total 10 1605.72459
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Table B.5 ANOVA for linear regression of strength loss vs. lognormal median.

Source DF Sum of Squares  Mean Square F value
Model 1 451.70604 451.70604 3.52278
Error 9 1154.01854 128.22428

Total 10 1605.72459

Table B.6 ANOVA for linear regression of strength loss vs. crack index.

Source DF Sum of Squares  Mean Square F value
Model 1 1441.88758 1441.88758 79.2067
Error 9 163.837 18.20411

Total 10 1605.72459

Table B.7 ANOVA for linear regression of strength loss vs. crack index with normal median.

Source DF Sum of Squares  Mean Square F value
Model 1 1414.51706 1414.51706 66.58029
Error 9 191.20753 21.24528

Total 10 1605.72459
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